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ABSTRACT

This paper investigates the thermal performance of modular flux-switching permanent magnet (FSPM) machines under forced

air cooling. Unlike conventional designs with continuous stator iron core, the modular configuration with segmented stator core

introduces flux gaps between stator segments that can be used as extra cooling channels to increase the internal heat exchange

surface area. To assess the impact of this innovative cooling design, models with varying flux gap widths (0-8 mm) were

analysed using 3D computational fluid dynamics (CFD) modelling. Results indicate that at constant inlet air speed, the lowest

machine temperature is achieved at 1 mm flux gap. Under constant pressure loss, the optimal cooling is achieved at a 4 mm flux

gap. Although extreme flux gap widths hinder the cooling efficiency, the modular FSPM machines still outperform their

nonmodular counterparts thermally. The study also examines the effect of rotor speed, revealing that higher speeds induce

greater turbulence and reduce machine temperature, particularly beyond 2800 rpm, albeit with increased system pressure loss.

The CFD simulation results were validated through a series of thermal experiments, confirming the accuracy of the CFD models

and demonstrating the feasibility of using flux gaps as cooling channels in modular FSPM machines.

1 | Introduction

Permanent magnet (PM) machines are widely used in industrial
applications, and the demand for high power density and high-
speed PM machines is growing, particularly in areas such as
electric vehicles, wind turbines and aerospace systems. How-
ever, high power density and high-speed operation result in
significantly increased power losses within the machine, espe-
cially in the coils and magnets, which are particularly suscep-
tible to high temperatures. Elevated temperatures can lead to
magnet demagnetisation, insulation breakdown and, ultimately,
system failure. Therefore, effective thermal management is
becoming increasingly critical in the electrical design of PM
machines.

Forced air cooling is an important cooling method for electrical
machines. It is established that the forced air cooling is suitable
for machines with current density at 5-10 A/mm? [1]. Although
as the current density increases, using air as the coolant is not
enough and forced liquid cooling should be adopted; forced air
cooling is still preferred for low to medium power electrical
machines due to its simplicity, lower cost and ease of imple-
mentation and maintenance [2]. The forced air cooling can be
classified into total enclosed fan-cooled (TEFC) and open fan
cooled (OFC) machines depending on the air flow route [3].

In a TEFC machine, an external fan—typically mounted on the
rotor shaft—blows air over the machine housing, which is
completely enclosed. The airflow passes across the housing
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surface, and external fins can be added to increase the effective
heat transfer surface area [4]. In such systems, the cooling
performance depends on several factors, including the type of
fan (centrifugal or axial) [5], the number of fan blades [6], the
blade shape [7] and even the fan's rotational direction [8].
However, heat transfer in the end-winding space remains
limited due to the confined air between the machine compo-
nents and the housing. To enhance heat dissipation in this re-
gion, internal fans mounted on the shaft or wafters mounted on
the rotor lateral surface can improve air circulation, allowing
heat from the end-windings to be transferred to the housing
through internal airflow [9]. Once such inner circulation is
established, estimating the end-space convection coefficient
becomes critical. Both computational fluid dynamics (CFD)
simulations and experimental measurements have been
employed to study the relationship between rotor speed and
convection coefficients [10, 11]. Further studies also investigate
the cooling performance and friction losses introduced by
wafters [12]. Although the enclosed frame inherently limits
cooling capability, it provides significant advantages by pre-
venting dust ingress and reducing acoustic noise [13].

In an OFC machine, cooling performance is significantly
enhanced, as cold air from the ambient environment is
continuously drawn into the machine and allowed to directly
contact the internal components such as end-windings and
PMs. Traditionally, the external fan is either mounted on the
shaft or driven independently by an air pump. The cooling
capability of a shaft-mounted fan is constrained by the ma-
chine's operating speed and introduces additional windage
losses, making it unsuitable for medium and large motors [14].
By contrast, an independent fan (air pump) provides constant
airflow regardless of machine speed and offers greater flexi-
bility in flow channel design. However, the number, position
and area of air inlets are critical to thermal performance
[15-17], and this approach requires an additional power supply
and control system, which increases overall complexity.
Beyond traditional fan configurations, certain electrical ma-
chines with salient rotors can be designed so that the rotor
itself functions as a fan. For example, the authors in ref. [18]
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report on a novel flux-switching permanent magnet (FSPM)
machine with a rotor shaped-like fan blades. This design en-
ables the machine to operate simultaneously as a motor and as
an axial fan, thereby cooling itself.

The modular flux-switching permanent magnet (FSPM) ma-
chine [19], as a stator-mounted PM configuration [20] shown in
Figure 1, places both coils and magnets on the stationary stator,
where more effective cooling strategies can be applied compared
to rotor-mounted PM designs. Moreover, the modular FSPM
machine is expected to demonstrate superior thermal perfor-
mance relative to conventional FSPM machines, owing to the
additional heat exchange surface area provided by the flux gap
region. Although positioning the magnets closer to the ambient
environment offers certain thermal benefits, it also places them
in proximity to the windings, which is the primary heat source
of the machine. Consequently, studies have shown that magnet
temperatures tend to closely follow those of the windings, with
both rising in tandem [21].

Nevertheless, the modular design and the presence of a flux gap
provide clear advantages when a forced cooling system is
employed [22-25]. Although previous studies have demon-
strated that the flux gaps can effectively lower the temperature
of PM machines, most of this research has concentrated on
modular surface-mounted PM (SPM) machines in which the
PMs are mounted on the rotor outer surface. In contrast, the
impact of forced air cooling on modular FSPM machines has not
yet been thoroughly explored. In particular, the FSPM machines
feature a salient rotor design, which can significantly influence
internal airflow and, consequently, the cooling efficiency of the
flux gaps in modular FSPM machines.

In this paper, a forced air-cooling system is implemented for a
12-slot/14-pole modular FSPM machine, whose electromagnetic
performance is enhanced by the introduction of flux gaps. To
analyse the factors influencing thermal performance, a series of
3D CFD models with varying flux gap widths (from 0 to 8 mm)
have been developed. Additionally, the rotation of the salient
rotor induces significant turbulent airflow in both the air gap

FIGURE1 | A 12-slot/14-pole modular FSPM machine studied in this paper. (a) Cross-sectional view and (b) prototype machine for experimental

validation.
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and the flux gap regions. Therefore, the impact of rotor speed on
thermal performance is also explored in this paper.

2 | Machine Specifications and Detailed CFD
Modelling

2.1 | Machine Specifications

In ref. [26], a 12-slot/14-pole modular FSPM machine has been
optimised using a multi-objective genetic algorithm. The ma-
chine selected for the analyses in this paper is derived from the
optimised results. The specifications of this machine are listed
in Table 1 and the cross-section is illustrated in Figure 1. It is
worth noting that to obtain a nonmodular FSPM machine, one
can reduce the flux gap width to 0 mm, leading to an E-core
structure. In this process, the iron section of the teeth is un-
changed, but the slot area can be increased accordingly.

2.2 | CFD Modelling

CFD modelling is gaining increasing popularity for the thermal
analysis of electrical machines, especially those with forced air
or liquid cooling, where convection coefficients cannot be easily
obtained from empirical equations. In the CFD modelling, the
fluid motion is primarily governed by the conservation equa-
tions of mass, momentum and energy, which will be discussed
briefly in the following sections.

2.2.1 | Governing Equations

The conservation of mass equation states that the rate of change
of mass within a fluid element is equal to the net mass flow into
the element. This principle is commonly known as the conti-
nuity equation [27] as described by

7/

Prv.(ev)=0 1)
ot

where p is the fluid density, ¢ is the time and V is the velocity
vector.

The conservation of momentum equation states that the rate of

change of a fluid particle’'s momentum is equal to the sum of the
forces acting on the fluid element. Based on Newton's second

TABLE 1 | Parameters of modular FSPM machine.

law, this equation is commonly known as the Navier-Stokes
equation [27]:

ov
p(E+V-VV)=—Vp+an+pg 2)

where Vp is the pressure force component, Vr;; is the viscous
force component, which is due to viscous stress, and pg is the
gravitational force component. The left side term is the local
acceleration and convective acceleration, which originates from
the term dV/dt, that is, the fluid particle acceleration. It is stated
that the pg term is negligible when the working fluid is gas for
forced convection cases [28].

The conservation of energy equation states that the rate of
change of a fluid particle's energy is equal to the sum of the net
heat added to the particle and the net work done on it. This
equation is based on the first law of thermodynamics [27]
such as

oT )
StV VT=aViT+@ (3)

where %—f is the local (time) rate of change of temperature T,
(V - VT) is the convective transport of heat due to a velocity field
which represents how heat moves with the flow of a fluid, aV>T
is the diffusive term, a = k/ (pcp) is the thermal diffusivity, k is
thermal conductivity, p is density, c, is specific heat at constant
pressure and @ is a source term representing internal heat

generation.

2.2.2 | Turbulence Model and Rotation Model

The governing equations discussed above can be used to solve
laminar flow problems. However, turbulent flow in rotating
electrical machines requires the Reynolds-Averaged Navier-
Stokes (RANS) approach. In this method, turbulent flow vari-
ables are decomposed into time-averaged and fluctuating com-
ponents, providing sufficient accuracy to quantify turbulent flow
characteristics. As a result, the RANS approach is widely used in
the thermal analysis of electrical machines. The k-¢ and k-w
models are the most commonly used two-equation turbulence
models in the RANS approach, where k represents turbulent
kinetic energy, ¢ denotes the turbulence dissipation rate and w is
the specific turbulence dissipation rate [13]. In this paper, the
Shear Stress Transport (SST) k-w model is adopted. This model is
well-known for its suitability in capturing swirling flows without

Slot number 12 Air gap length (mm) 0.5
Pole number 14 Stack length (mm) 25
Stator outer radius (mm) 45 Stator yoke thickness (mm) 4.1
Stator inner radius (mm) 26.6 Stator edge tooth width (mm) 3.8
Magnet thickness (mm) 2.7 Stator tooth width (mm) 3.3
Flux gap width (mm) 4 Rotor tooth width (mm) 4.1
Rate speed (rpm) 400 Housing length (mm) 70
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requiring sublayer damping while also improving separation
flow prediction.

Rotor rotation also plays a crucial role in determining the flow
field and pressure distribution in electrical machines. The main
method for modelling rotational effects is the moving reference
frame (MRF) which is also known as the frozen rotor approach.
It is adopted in this paper for the steady-state analysis of the
rotating machines. In the MRF approach, the rotational region
does not physically move. However, the effects of rotation, such
as Coriolis and centrifugal forces, are accounted for. The main
drawback of this method is that, since the rotor remains fixed
relative to the stator, different relative positions can lead to
varying results [28].

2.2.3 | Heat Transfer Coefficient

The heat transfer coefficient is a crucial parameter for analysing
heat transfer in electrical machines. According to the ANSYS
CFX modelling guide [29], the heat transfer coefficient is
calculated by

qw = hc(Tw - an) (4)

where g, is the heat flux across the wall boundary, T, is the
wall temperature, T, is the near-wall temperature and h, is the
heat transfer coefficient. The near-wall temperature T,,, repre-
sents the fluid temperature at the first fluid node adjacent to the
wall. However, when calculating the heat transfer coefficient h,
using the near-wall temperature T,,, the result is highly
dependent on the mesh resolution. With a fine mesh, the near-
wall temperature approaches the wall temperature, causing the
denominator in Equation (4) to approach zero, which results in
extremely large values for h.. Another approach that can be
used in CFX is to change the ‘Ty,,x for HTC’ of ‘expert param-
eter’ in the CFX-pre. The heat transfer coefficient will be
calculated by [29]

- 9w
hc B (Tw - ’E)ulk) (5)

where Ty represents the average temperature of the fluid in
the vicinity of a wall.

2.24 | Thermal Modelling and Conditions

In the forced air-cooled modular FSPM machine, six inlets and
outlets, each with a radius of 10 mm, are incorporated into the
machine housing. These inlets and outlets are positioned to face
the end-windings, as the authors in ref. [22] have shown that
this design is more effective in reducing winding temperatures.
Due to the periodic nature of the 12-slot/14-pole machine's
stator and rotor, they can be represented using a periodic sector.
As a result, one-sixth of the stator and one-fourteenth of the
rotor are simulated using ANSYS CFX software. The CFD model
is divided into a stationary region and a rotating region, con-
nected by an automatic pitch change interface, as illustrated in
Figure 2. According to the CFX theory guide [29], for frame
change interfaces, the interface internally accounts for pitch

Housing ]

Stationary region

_Rotalinn region

FIGURE 2 | CFD model of the modular FSPM machine with forced
air cooling.

variations by scaling the local flows up or down as they cross the
interface.

To prevent unwanted backflow, the upstream and downstream
regions are designed with lengths approximately 2 times of the
machine length. Additionally, the walls of these regions are set
as free-slip boundaries to ensure that airflow entering or exiting
the machine is not affected by wall shear stress. In the simu-
lations, air is treated as an incompressible fluid, as airflow in
electrical machines typically remains below 0.3 Mach. However,
air compressibility becomes significant when the velocity ex-
ceeds 100 m/s in electrical machines [27]. The property of the
air is as follows: density is 1.185 kg/m?, thermal conductivity is
0.0261 W/m-K, dynamic viscosity is 1.831 x 107> Pa-s and
specific heat capacity is 1004.4 J/kg-K.

The thermal properties of both the machine components and air
are consistent with the previous analysis. The convection coef-
ficient of the housing surfaces is set to 15 W/m?K, and the
ambient temperature is maintained at 25°C. In the simulation,
the winding region employs equivalent thermal conductivity
values in different directions. These values, obtained from the
ANSYS Motor-CAD software package, are 0.87 W/m-K in the
circumferential and radial directions and 265 W/m-K in the
axial direction. The essential thermal conductivities in W/m-K
are 168 for the housing, 30 for stator and rotor core, 7.6 for
magnet and 52 for shaft. The thermal contact resistance between
the stator core and housing is represented by an equivalent air
gap between the solid surfaces, with an adopted air gap length of
0.03 mm. In addition, the thermal model of bearings uses an
equivalent interface gap of 0.3 mm [30].

2.2.5 | CFD Model Mesh

Finally, mesh quality in the CFD model is critical to ensuring
accurate simulation results. For the mesh generation, both tet-
rahedron and six-sided hexahedron types of cells are utilised
using ANSYS meshing software. The overall mesh size for the
machine and its surrounding air region is set to 1 mm. In the air
gap region, where highly turbulent airflow occurs, a finer mesh
size of 0.2 mm is applied. Additionally, a five-layer inflation
mesh with a first layer thickness of 0.028 mm is implemented on
the air gap surfaces as well as flux gap surfaces attached to both
the stator and rotor. For the other surfaces of the air region in
contact with solid walls, a five-layer inflation mesh with a
smooth transition is applied. It should be noted that for all
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FIGURE 3 | (a)Meshes on the cross-section plane, (b) in the air gap
region and (c) in the flux gap region of the investigated modular FSPM
machine.

inflation meshes, the growth rate is 1.2. These meshes are
shown in Figure 3. As a result, the generated mesh has
2,417,646 nodes and 11,584,798 elements. The simulations are
conducted by a computer with 64 gigabyte RAM and an 8-core
CPU Intel Xeon W-2245. The calculated time for each case is
around 8 h.

3 | Results and Discussions

For the modular SPM machine investigated in refs. [24, 25], flux
gaps serve as additional airflow channels and provide extra
surface areas for heat dissipation, enhancing its thermal per-
formance compared to conventional SPM machines. The width
of the flux gap also plays a crucial role in cooling efficiency. If
the flux gap is too narrow, airflow over the machine becomes
restricted. Conversely, if the flux gap is too wide, the coolant
velocity decreases significantly at the same inlet speed, reducing
the cooling effectiveness.

The modular FSPM machine differs from the modular SPM
machine in terms of airflow characteristics. In an SPM ma-
chine, if flux gaps are not introduced, the only available airflow
path is the air gap, which is typically kept as narrow as
possible to maximise electromagnetic performance. However,
in an FSPM machine, even without flux gaps, the rotor’s salient

structure naturally provides sufficient channels for airflow. As
a result, the effectiveness of flux gaps in enhancing cooling
performance might be reduced compared to their impact on
SPM machines.

The original design of the modular FSPM machine features a 4-
mm flux gap. To analyse the impact of flux gap width on
thermal performance, several additional modular FSPM ma-
chine models are developed with flux gaps ranging from 0 to
8 mm. When the flux gap is reduced to 0 mm, the modular
FSPM machine essentially becomes a nonmodular, E-core
FSPM machine.

The thermal performance of an FSPM machine is strongly
influenced by loss distribution, as both iron losses and PM eddy
current losses increase significantly with rotor speed. To isolate
the effects of inlet conditions and fluid behaviour within the
machine, the copper loss is fixed at 150 W, and iron and PM
eddy current losses are first neglected in Sections 3.3 and 3.5 so
that the cooling effectiveness can be easily observed by winding
temperature variations.

Furthermore, changes in the flux gap width affect the machine's
coil resistance by modifying the slot area and end-winding
length. The corresponding resistance values can be calculated
using Equations (6) and (7) and provided in Table 2.

R=— L1 ©)

S,
g Félot . 1\7211(:

where o is the copper conductivity (5.95 x 107/Qm), L is the
total conductor length including active winding and end-
winding (Lend), Ssior is the single slot area, Fg,, is the slot fill
factor which is 0.3 and Ny, is the number of turns for a single
slot. As for the length of a single coil, the active length is equal
to the machine's stack length and the end winding length in this
machine can be calculated by

1
Leng=7- (I’Vslot + Witator + 5 WPM) @)

where Wy, is the average stator slot width, Wy, is the stator
tooth width and Wpy, is the thickness of the magnet. Table 2
lists the resistance of the modular FSPM machine at different
flux gap widths.

Figure 4 shows the injected current and average torque at
different flux gap widths under a constant copper loss of 150 W.
As the flux gap widens, the slot area decreases, leading to an
increase in machine resistance as shown in Table 2. To maintain
the fixed copper loss, the injected current must be reduced.
Despite this current reduction, the average torque peaks at a
flux gap width of 5 mm. This is because, as noted in ref. [31], the
flux gap can improve the winding factor in 12s/14p modular
machines, thereby enhancing torque performance. Conse-
quently, the positive effect of the improved winding factor
outweighs the negative effect of the reduced current at this
optimal point. However, beyond 5 mm, a wider flux gap causes
the winding factor to decline while the current continues to
decrease, which together aggravate the reduction in average
torque.

IET Electric Power Applications, 2025
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TABLE 2 | Resistance of modular FSPM at different flux gap widths.

Flux gap (mm) Coil length (mm)

Slot area (mm?) Resistance (Q)

0 111.2 131.5 0.36
1 109.6 124.3 0.38
2 108.1 117.3 0.40
3 106.4 109.8 0.42
4 104.8 102.6 0.44
5 103.2 95.3 0.47
6 101.6 88.0 0.50
7 100.1 80.7 0.54
8 98.4 73.3 0.58
3.6 T T T T T T T 2 TABLE 3 | Comparison between forced air cooled and natural air
3.4 cooled modular FSPM machines (flux gap width = 4 mm).
Es.z z Forced air (10 m/s) Natural air
°g’_ 3 g Winding temperature 77.6°C 78.8°C
E 28 % Copper loss 150.0 W 25.0 W
§2_6 % RMS current 184 A 7.5 A
2 24 Average torque 3.4 Nm 1.6 Nm
22 . , , . . . . 15 Power (@400 rpm) 1419 W 65.9 W
Nt egeem T Efficiency 48.6% 72.5%

FIGURE 4 | Average torque and injected RMS current versus flux
gap width (150 W).

3.1 | Comparison Between Natural and Forced Air
Cooling

In order to show the advantages of forced air cooling with flux
gaps, a comparison in terms of RMS current, torque, power and
efficiency between the forced air cooled and natural air cooled
4 mm flux gap modular machines has been conducted and the
results are shown in Table 3. The data show that to maintain a
similar winding temperature, the copper loss in the natural air
cooled machine must be limited to 25 W. At this loss, the cor-
responding RMS current is 7.5 A, yielding an average torque of
1.6 Nm, which is approximately half of the forced-air-cooled
counterpart. However, the natural air cooled machine has
higher efficiency. This occurs because the average torque is
proportional to the current, whereas the copper loss is propor-
tional to the current squared. Therefore, when operating at a
higher current to achieve more torque, the copper loss increases
at a much faster rate. This disproportionate rise in loss relative
to torque is what causes the efficiency of the forced air cooled
machine to be lower, despite its superior power output.

3.2 | Influence of Flux Gap Width Under Constant
Inlet Speeds

In the CFD simulations, the inlet boundary condition is set to a
constant airflow speed of 10 m/s, corresponding to a mass flow
rate of 1.12 x 107° kg/s, and a volumetric flow rate of
9.3 x 107> L/s per segment. The inlet air temperature is

maintained at 25°C, whereas the outlet boundary condition is set
to a relative pressure of 0 Pa. The turbulence intensity chosen in
CFX is 5% and a viscosity ratio is equal to 10. Additionally, the
rotor speed in this section is fixed at 400 rpm, which is the ma-
chine's rated speed. It is important to note that varying the flux
gap width comes at the expense of winding slot cross-sectional
area, which also affects the end-winding surface. As the flux
gap increases, the end-winding surface area decreases.

As an example, Figure 5 presents the temperature distribution
of the modular FSPM at flux gap widths of 0 and 4 mm, and
Figure 6 summarises the maximum winding and magnet tem-
peratures at different flux gap widths. These two components
are monitored as they are the most thermally vulnerable parts of
a PM machine. The results indicate that the modular FSPM
machine with a 1-mm flux gap achieves the lowest tempera-
tures. A clear trend emerges where both winding and magnet
temperatures increase with wider flux gaps. The nonmodular
FSPM machine's temperature falls between that of the modular
machines with 1 and 2 mm flux gaps. The PM temperature
remains lower than the winding temperature since PM eddy
current loss is not considered here. Instead, the magnets are
primarily heated through thermal conduction from the wind-
ings. Despite this, the temperature difference between the
winding and magnet remains relatively constant. Regarding the
winding temperature, it is observed that the active winding
reaches a higher maximum temperature compared to the front
and rear end-windings. However, the front and rear end-
winding temperatures are nearly identical.

In natural air-cooled machines, the active winding typically
maintains lower temperatures because it efficiently dissipates
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heat by thermal conduction via the stator iron core to the
housing. In contrast, heat generated in the end-windings must
first transfer to the active winding before being dissipated
through the same conduction path. Although end-windings
can also dissipate heat through air convection in the end
space, the convection coefficient in natural cooling conditions
is relatively low, making this cooling path inefficient. However,
in forced air cooling, airflow enters the housing through the
inlet and first blows over the front end-winding. After passing

Temperature
84.000
l 80.300
76.600
F 72.900
69.200
65.500
61.800
I 58.100

54.400
I 50.700

47.000

]

' 84.000

80.300
[ 76.600
72.900
[ 69.200
[~ 65.500
[~ 61.800

58.100

54.400
I 50.700
47.000

(b)

FIGURE 5 | Temperature distribution of the modular FSPM machine
with a flux gap width at (a) 0 mm and (b) 4 mm when the inlet speed is
10 m/s.

Constant velocity

©
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FIGURE 6 | Maximum temperatures versus flux gap width when the
inlet speed is 10 m/s.

through the active part of the machine, the air then flows over
the rear end-winding, as the outlets are positioned to face the
end-windings.

Figure 7 presents the average convection coefficients of the end-
winding surfaces and flux gap surfaces at different flux gap
widths. The convection coefficient is calculated using Equa-
tion (5), with a reference temperature set to 25°C, matching the
inlet air temperature. According to Figure 7, when no flux gap is
present, the convection coefficients of the front and rear end-
windings are nearly identical.

However, the introduction of flux gaps significantly reduces the
convection coefficient of the rear end-winding. This occurs
because the flux gap alters the internal airflow pattern, diverting
air through the flux gaps rather than forcing it to flow against
the rear end-winding. Although the convection coefficients for
both the front and rear end-windings decrease only slightly with
a wider flux gap, the concurrent reduction in the end-winding
area is likely the primary factor driving the overall tempera-
ture increase. Conversely, the convection coefficient within the
flux gaps themselves is much higher than that of the end-
windings. However, this coefficient decreases with a wider
flux gap due to the reduced air velocity, as previously shown in
Figure 8. For a narrow flux gap (e.g., 1 mm), the system achieves
an optimal balance. Although airflow velocity is unavoidably
reduced, the positive influence of the new, high-convection heat
dissipation area provided by the flux gap outweighs the negative
impact of the slower flow. This explains the minimum
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FIGURE 7 | Convection coefficient of end-winding and flux gap
surfaces versus flux gap widths when the inlet speed is 10 m/s.
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FIGURE 8 | Average air velocity of flux gaps versus flux gap when
the inlet speed is 10 m/s.
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temperature at the 1-mm width. As the gap widens further, the
combined effect of a continuously shrinking end-winding area
and a declining flux gap convection coefficient leads to the
observed rise in machine temperature.

Although the presence of flux gaps negatively impacts the
thermal performance of the modular FSPM machine under the
same inlet speed, it significantly reduces system pressure loss as
the flux gap width increases, as shown in Figure 9. According to
Equation (8) [27], when the inlet speed and cross-sectional area
of the inlet remain constant, the volumetric flow rate (Q) does
not change. Consequently, the machine's flow resistance is
directly proportional to the system pressure loss. A reduction in
pressure loss indicates a corresponding decrease in flow resis-
tance. This helps reduce the power consumed by the air pump.
In addition, the required system power of the whole machine
can be calculated using (Equation (9)) and is also illustrated in
Figure 9.

Ap = R;Q? (8)
Pruia =Ap - Q 9

where Ry represents the system flow resistance and Q means the
volumetric flow rate. The fluid power (Pgyq) is a function of
both the volumetric flow rate (Q) and the system pressure loss
(Ap). It can be seen that the pumping power reduces signifi-
cantly from 17.6 to 3.8 W as the flux gap width increases.

The fluid behaviour shown in Figure 10 in the modular FSPM
machine follows a series of distinct stages: (1) When air enters
the front-end space of the machine from a narrow inlet, it un-
dergoes a sudden expansion, leading to a separation loss. (2) The
air then contracts as it flows into the air gap and flux gap, with a
separation loss. (3) As the air moves through the air gap and flux
gap, rotor rotation introduces additional frictional and shock
losses. (4) Finally, the air exits the machine, experiencing
expansion into the end space followed by contraction at the
outlet, mirroring the inlet flow process. According to Equa-
tion (9) [27], the fluid power Pgyiq required to drive the fluid is
related to the volumetric flow rate Q and system pressure loss
Ap. Since the volumetric flow rate remains constant, a decrease
in pressure loss translates to reduced fluid power requirements.
Therefore, as the flux gap width increases, the required fluid
power decreases accordingly.

Constant velocity
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©
2 800
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0 1 2 3 4 5 6 7 8

Flux gap width (mm)

FIGURE 9 | Pressure losses and air power versus flux gap widths
when the inlet speed is 10 m/s.

3.3 | Influence of Flux Gap Width Under Constant
Pressure Loss

In Section 3, it was observed that under a constant inlet flow
rate, flux gaps negatively impact the thermal performance of the
modular FSPM machine, despite significant variations in pres-
sure loss at different flux gap widths. However, the effect of flux
gap width under a fixed pressure loss has not yet been consid-
ered. To address this, another series of CFD simulations is
conducted, where a constant 500 Pa pressure drop is imposed
between the inlets and outlets.

Figures 11 and 12 present the maximum winding and magnet
temperatures under a constant pressure loss. The results indi-
cate that the introduction of flux gaps significantly reduces
machine temperature, reaching its minimum at a flux gap width
of 4 mm. However, as the flux gap width increases from 5 to
8 mm, the machine temperature rises slightly. Consistent with
the findings from the previous sections, the temperature dif-
ference between the winding and magnet remains relatively
constant. Focusing on the winding temperature, the active
winding region exhibits slightly higher temperatures than the
front and rear end-windings. Although the front and rear end-
winding temperatures are nearly identical.

To better understand the factors influencing the thermal per-
formance, it is necessary to analyse the convection coefficients of
the machine components. Figure 13 presents the average con-
vection coefficients of the end-winding surfaces and flux gap
surfaces at different flux gap widths. The results show that the
convection coefficients of the front end-winding surfaces are
consistently higher than those of the rear end-winding surfaces,
and their values remain relatively stable as the flux gap width
changes. Some fluctuations are observed, which may be attrib-
uted to variations in mesh quality, as each flux gap width cor-
responds to a different CFD model. For the flux gap surfaces, the
convection coefficient increases rapidly when the flux gap width
expands from 1 to 4 mm, followed by a slight increase from 4 to
8 mm. As seen in Figure 13, incorporating flux gaps is an effec-
tive cooling method, explaining the sharp temperature reduction
observed in Figure 12 when the flux gap is introduced. Addi-
tionally, the rapid increase in the convection coefficient between
1 and 4 mm corresponds to the minimum machine temperature
at 4 mm. However, the observed temperature rise from 4 to 8 mm

An
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FIGURE 10 | Fluid behaviour in the modular FSPM machine.
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cannot be explained solely by changes in the convection coeffi-
cient. In this case, modifications to the machine model must be
considered. As mentioned in Section 3.2, increasing the flux gap
width reduces the winding slot cross-sectional area, leading to a
decrease in the end-winding outer surface area. With a smaller
outer surface area and an unchanged convection coefficient, the
machine's ability to dissipate heat diminishes, explaining the
temperature rise from 4 to 8 mm.

Temperature
80.000

. 77.000
74.000
71.000
- 68.000
~ 65.000
- 62.000
~ 59.000

56.000
I 53.000

50.000

[C]
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74.000
r 71.000
- 68.000
65.000

- 62.000
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56.000
I 53.000
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[C]

(b)
FIGURE 11 | Temperature distribution of the modular FSPM

machine with a flux gap width at (a) 0 mm and (b) 4 mm when the
inlet pressure is 500 pa.
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FIGURE 12 | Maximum temperatures versus flux gap width when
the inlet pressure is 500 pa.

Figure 14 illustrates the inlet air velocity and required system
power of the whole machine. As discussed in Section 3.2,
increasing the flux gap width reduces system flow resistance.
According to Equation (8), when the total pressure loss re-
mains constant, a reduction in flow resistance leads to a higher
volumetric flow rate. In this case, the increased volumetric
flow rate results in a higher inlet air velocity. Meanwhile, the
required power increases from 6.6 to 14.8 W as the flux gap
gets wider.

3.4 | Influence of Flux Gap Width Under Constant
Torque and Fan Power

Previous simulations assumed a fixed copper loss, resulting in
variable resistance, current and, consequently, variable average
torque across different flux gap widths. Furthermore, because
airflow (Q) and pressure loss (Ap) are strongly coupled, with
fan power (P) being the result of their interaction, the required
external fan power also varies with the flux gap, as shown in
Figures 9 and 14. To enable a fair comparison of thermal
performance, this section will analyse the models under con-
ditions of fixed average output torque and fixed external fan
power.

For the analysis in this section, the modular FSPM machine's
average output torque is held constant at 2.75 Nm. This is
achieved by calibrating the injected current according to the flux
gap width, with the specific values listed in Table 4. With the
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FIGURE 13 | Convection coefficient of end-winding (EW) and flux
gap surfaces versus flux gap widths when the inlet pressure is 500 pa.
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FIGURE 14 | Inlet velocity and air power versus flux gap widths
when the inlet pressure is 500 pa.
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TABLE 4 | Copper loss and efficiency of modular FSPM at the same output torque at 400 rpm.

Flux gap (mm) RMS current (A)

Copper loss (W) Efficiency (%)

28.3
21.2
17.7
15.6
14.1
13.1
12.7
12.7
13.4

0O N O U1 A W N FE O

294.8 28.1
172.9 39.9
125.4 47.9
102.2 53.0
89.1 56.4
80.7 58.8
81.5 58.6
87.5 56.8
105.5 52.2

machine operating at 400 rpm, the corresponding output power
is given by

Pout = Tave - @ (10)

where P, is output power, T, is the average torque and w is
the angular speed, yielding a value of 115.2 W. At this low
operational speed, PM eddy current and iron losses are negli-
gible; thus, the efficiency for each configuration is listed in
Table 4. The results show that although the nonmodular FSPM
machine has the largest slot area, it requires a significantly
higher current to achieve the same output torque. This leads to
substantially higher copper loss and, consequently, lower effi-
ciency compared to the modular machines. Among the modular
designs, the 5-mm flux gap topology achieves the highest effi-
ciency, as it requires the lowest current and thus the lowest
copper loss to produce the target torque. It is worth noting that
the efficiencies of these machines are relatively low due to the
small fill factor, as observed in some existing laboratory pro-
totypes where smaller copper wires were deliberately used to
simplify the winding process.

For the CFD modelling, the external fan power was set to 10 W,
with the corresponding inlet condition calculated using Equa-
tions (8) and (9). Figure 15 presents the maximum winding and
magnet temperatures under constant output torque and fan
power. The results show that the nonmodular FSPM machine
operates at a significantly higher temperature than the modular
machines with flux gaps. This superior thermal performance is
due to two key factors: firstly, the flux gap provides an addi-
tional surface area for heat dissipation, and secondly, by
improving the winding factor, the flux gap reduces the required
current and consequently the copper loss.

Consistent with previous findings, an optimal flux gap width of
5 mm minimises the machine temperature. This optimum
represents a trade-off between electromagnetic and thermal
performance. As Figure 4 and Table 4 indicate, the 5-mm gap is
optimal for electromagnetic performance (e.g., torque).
Although a 4-mm gap is thermally optimal (Figure 12), the
machine with a 5-mm gap exhibits only a marginally higher
temperature. Therefore, considering the combined electromag-
netic and thermal performance, the 5-mm flux gap is identified
as the overall optimal design for this modular FSPM machine.

—e—EW(Front)

g —A—Winding(active)
120 F —8—EW(Rear)
——PM

80

Temperature (°C)

(=23
=3

40 L L L L L f L
0 1 2 3 4 5 6 7 8

Flux gap width (mm)
FIGURE 15 | Maximum temperatures versus flux gap width at the
same output torque and fan power.

3.5 | Influence of Rotor Speed Under the Same
Inlet Air Speed

As stated in ref. [32], rotor rotation introduces additional pres-
sure loss in electrical machines. In the case of the modular
FSPM machine, there are two key differences compared to
traditional PM machines: (1) In conventional PM machines,
whether SPM or IPM, the rotor is typically nonsalient. In
contrast, the FSPM machine features a salient rotor structure,
which adds complexity to the airflow within the air gap. (2) The
modular FSPM machine includes flux gaps, where airflow
behaviour can be significantly influenced by rotor speed. To
investigate these effects, several CFD simulations are conducted
at different rotor speeds, ranging from 400 to 3600 rpm. The
modular FSPM machine with a 4-mm flux gap width, as detailed
in Section 2.1, is used for these simulations. The inlet and outlet
boundary conditions remain unchanged from Section 3.4,
ensuring that variations in system pressure loss directly reflect
changes in flow resistance. The relationship between pressure
loss and rotor speed is shown in Figure 16. The results indicate
that as rotor speed increases, the system's total pressure loss also
rises, leading to an increase in flow resistance. However,
compared to the effect of changes in the flux gap width, rotor
speed has a relatively smaller impact on system pressure loss.

The rotor's rotation affects not only the system pressure loss
but also the temperature of machine components. Figures 17
and 18 show the maximum winding and magnet temperatures
at different rotor speeds. The results show that machine
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FIGURE 16 | Pressure losses versus rotor speed when the inlet speed
is 10 m/s.
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FIGURE 17 | Temperature distribution of the modular FSPM
machine with rotor speed at 400 rpm when the inlet speed is 10 m/s.
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FIGURE 18 | Maximum temperatures of the machine versus rotor
speed when the inlet speed is 10 m/s.

temperatures remain steady at relatively low speeds, from 400 to
2000 rpm. However, when the rotor speed exceeds 2800 rpm, a
noticeable temperature reduction occurs, and temperatures
continue to decrease as the speed increases to 3600 rpm.
Regarding the PM temperature, it remains lower than the
winding temperature, with the temperature difference between
the two components staying relatively constant.

The variation in machine temperature can be explained by the
convection coefficients of the end-winding and flux gap regions,
as shown in Figure 19. The temperature reduction is not influ-
enced by the convection of the front end-winding, as its con-
vection coefficient remains nearly unchanged with increasing
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FIGURE 19 | Convection coefficient of end-winding and flux gap
surfaces versus rotor speed when the inlet speed is 10 m/s.

rotor speed. However, in the flux gap region, the convection
coefficient continuously increases as rotor speed rises from 400
to 3600 rpm. The primary cause of the temperature drop at 2800
rpm is the sudden increase in the convection coefficient of the
rear end-winding. From 400 to 2000 rpm, this coefficient remains
nearly constant, but at 2800 rpm, it experiences a sharp increase.
Figure 20 illustrates that as rotor speed increases, the air exiting
the air gap tends to flow through the rear end-winding. This is
known as the combining flow phenomenon as described in ref.
[28]. Beyond this point, as the rotor speed continues to rise to
3600 rpm, the convection coefficient of the rear end-winding
increases only slightly. The continued temperature reduction
from 2800 to 3600 rpm is primarily attributed to the increasing
convection coefficient in the flux gap region.

3.6 | Influence of Rotor Speed With Iron and PM
Losses

As aforementioned, in Section 3.5, the winding and PM tem-
peratures were obtained without considering the stator iron
loss, rotor iron loss or PM eddy current loss to allow the cooling
effectiveness to be more clearly observed through winding
temperature variations. However, these losses are crucial for
accurately predicting the actual temperature distribution within
the investigated machine. Therefore, they have been calculated
using 2D FEA simulations (JMAG software package), as shown
in Figure 21. The results show that these losses increase
noticeably with rotor speed. Among them, stator iron loss is the
most significant one, whereas rotor iron loss and PM eddy
current loss are comparatively smaller. Both stator and rotor
iron losses tend to rise gradually as the flux gap width increases.
In contrast, PM eddy current loss is the highest when the flux
gap width is 0 mm, decreases steadily to its lowest value at 6 mm
and then increases again as the flux gap width expands to 8 mm.

As an example, the losses at a flux gap width of 4 mm have been
incorporated into the CFD models, and the resulting maximum
winding and PM temperatures with iron and PM eddy current
loss are presented in Figure 22. Different from the results shown
in Figure 18 without considering iron and PM eddy current
losses, the results here show that both winding and magnet
temperatures exhibit a slight upward trend with speed, primarily
driven by increasing iron and PM eddy current losses due to
increase in rotor speed. However, the relationship is nonlinear,
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FIGURE 20 | Air velocity vector distributions in the axial direction of
the modular FSPM at (a) 400 rpm and (b) 3600 rpm.

as higher rotor speeds also alter the internal airflow and enhance
convective heat transfer. As explained in Section 3.5, the
‘combining flow’ at high speeds is directed through the rear end-
winding, significantly improving heat dissipation. This effect
leads to a noticeable, nonlinear temperature drop (see Figure 18)
at specific speeds, such as 2800 rpm, which is difficult to capture
with simple analytical equations.

In summary, the thermal performance of the modular FSPM at
high speed is a balance of competing effects. The dominant
heating factors are the iron and PM eddy current losses, which
scale with speed or its square. Conversely, the enhanced cooling
from the high-speed combining flow counteracts this, mitigating
the temperature rise, particularly in the windings.

4 | Experimental Validation

In order to verify the accuracy of the CFD thermal models,
relevant thermal experiments have also been carried out in this
paper. The thermal experiments can be divided into two parts:
natural air cooling and forced air cooling and will be discussed
in the following sections.

4.1 | Natural Air-Cooling Experiments

The natural cooling experiments aim at identifying key thermal
parameters needed for the forced air-cooling experiments in
Section 4.2. There are several important conditions that need to
be explained in the experiments. Firstly, only DC copper loss is
introduced, though losses in electrical machines include copper
loss, iron loss and PM eddy current loss. It is because that the
DC copper loss is the most controllable loss, whereas the
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FIGURE 21 | Losses at different rotor speeds and different flux gap
widths. (a) Stator iron loss, (b) rotor iron loss and (c) PM eddy
current loss.
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FIGURE 22 | Maximum temperatures of the machine versus rotor
speed when iron loss and PM eddy current loss are considered.

accuracy of other losses from measurements remains uncertain.
This experiment is mainly intended to validate the correctness
of the thermal model, so introducing other losses only brings
more uncertainties to the experiment. Secondly, the metal rotors
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are replaced by a 3D-printed polylactic acid (PLA) rotor, as
shown in Figure 23. The reason for using a nonmagnetic 3D-
printed PLA rotor is because the existing drive motor in the
test rig is not powerful enough to drive the prototype to a rather
high rotation speed. With the laminated rotor, the prototype can
only be operated at around 100 rpm, which makes it difficult to
observe any meaningful temperature changes at different rotor
speeds. Since the rotor's sole function is to generate air turbu-
lence within the enclosed housing, its material has little influ-
ence on the thermal performance. As a result, using a 3D-
printed PLA rotor does not compromise the accuracy of the
experiment. This setup enables the rotor speed to reach
approximately 1000 rpm. Accordingly, in this experiment, the
temperatures of the machine components are recorded at 0, 400
and 800 rpm.

Figure 24 shows the test rig for testing natural cooling perfor-
mance. The inverter used in the test rig is Texas Instruments
‘DRV8301-69M-KIT’, which is used to drive the brushless AC
motor. The power supply shown here is to inject DC current.
The DC loss of the system is set to be 44 W, which is realised by
the power limit function of the power supply. The temperatures
of each machine component are monitored by thermal couples
(T-type and K-type) placed in the prototype machine. There are
three thermal couples buried in the three coils of different
phases during the winding process. The other thermal couples
are attached to the stator, magnet, housing, endcap and the last
one is exposed to the ambient to monitor the temperature of the
laboratory.

3D printed rotd

FIGURE 23 | Laminated iron core rotor and 3D-printed PLA rotor.

For the natural cooling experiment, it is essential to define a
combined coefficient on the machine outer surface, which in-
cludes thermal convection coefficient and thermal radiation
coefficient. In general, for the natural cooling, the convection
coefficient should be between 5 W/m*K and 15 W/m*K.
However, there is an air conditioner in the laboratory, where the
experiments are conducted; hence, the actual convection coef-
ficient is supposed to be much higher. Therefore, an additional
experiment is conducted to determine the convection coeffi-
cient. It was observed that the frame to which the prototype is
mounted also contributes to heat dissipation, leading to signif-
icantly lower temperatures at the end caps in contact with the
frame compared with the housing. To simulate an adiabatic
boundary condition, both end caps were replaced with wooden
boards (see Figure 25), effectively minimising heat transfer
through these surfaces. At the same time, the rotor is also
removed, leaving only stator iron core and coils in the housing.
The corresponding CFD model has been built, and the con-
vection coefficient of the housing surface is retuned to match
the measured results. The essential thermal conductivities in W/
m-K of the solid components used in CFD simulations are 168
for the housing, 30 for the stator iron core, 95.26 (axial) and 0.39
(radial) for the winding, 7.6 for the magnet and 0.18 for the 3D
printed PLA rotor. It is worth noting that in the experimental
section, the thermal conductivity of the winding is lower than
that used in the simulation sections. This is mainly because the
laboratory prototype was not vacuum-impregnated, which
resulted in a reduced effective thermal conductivity. The final

FIGURE 25 | Measuring convection coefficient on housing surface.

Differential

T NE

Temperature data loggu"

pressure
transducer

FIGURE 24 | Test rig for natural and forced air-cooling experiments.
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obtained combined coefficient on the housing surface under the
laboratory condition is 22 W/m?K.

After introducing the essential parameters of the experiment,
Figure 26 shows the measured temperatures at different rotor
speeds. The coil temperatures decrease slightly as the rotor
speed increases, whereas the temperatures of the stator or
housing remain stable. It should be noted that the tempera-
tures obtained from the simulations are average temperatures
of these components. The difference between the simulations
and experiments is partly due to the location of the thermal
couples. The surface temperatures of the stator and housing
are slightly lower than those at the centre. As for the coils, the
centre temperature could be much higher than its surface
temperature. Therefore, considering the uncertain positions
where the thermal couples are buried in the slot, the difference
between measurement and simulation is unavoidable. More
importantly, the predicted and measured temperatures exhibit
the same trend as the rotor speed increases. For the other
components, the discrepancies may be attributed to poor
contact between the thermocouples and the measurement
points.

4.2 | Forced Air-Cooling Experiments

A series of forced air-cooling experiments have also been car-
ried out to validate the prediction concerning the relationship
between machine temperature and air flow velocity. In this
section, the modular FSPM machine is used and there are six
opening holes on each end cap as inlets and outlets. The basic
experimental conditions are the same as the previous natural
air-cooling experiments, but several extra equipment has been
used as shown in Figure 24. Firstly, a centrifugal fan (L-28-E),
manufactured by B.O.B Stevenson Ltd, is connected to the
prototype with a long tube to provide a relatively stable air
flow to cool the machines. The fan is controlled by an OPTI-
DRIVE E3 inverter which allows the fan to rotate from 0 to
2500 rpm. In addition, a differential pressure transducer,
PX277-005D5V, made by OMEGA, is used to measure the
pressure difference between the upstream and downstream of
the prototypes. One end of the pressure sensor is connected to
the tube between the prototype and the fan, whereas the other
end is exposed to the ambient representing the standard at-
mospheric pressure. The air flow velocity between the fan and
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FIGURE 26 | Simulated and measured temperatures of the modular
FSPM machine at different rotor speeds.

the machine is important to validate the simulation and
experiment. To measure this, an anemometer (testo 425) is
employed in the test rig. The probe of the anemometer is
inserted into the tube to measure the air velocity.

Although the fan speed is known and adjustable, the airflow
velocity within the tube must be measured using an anemom-
eter. Figure 27 illustrates the relationship between fan speed
and measured airflow velocity, as well as the simulated and
measured pressure losses for the modular FSPM machine. The
results show that the air flow velocity in both machines is nearly
proportional to the fan speed. Regarding the pressure losses,
discrepancies between simulation and measurement are likely
attributable to the accuracy limitations of the anemometer and
the differential pressure transducer.

The following experiments measure the temperatures of the
modular FSPM machines at different air velocities, with the
total system loss (copper loss) maintained at 44 W. The results,
shown in Figure 28, indicate that the forced air cooling rapidly
reduces machine temperatures to around 30°C. The measured
stator and housing temperatures align closely with the simula-
tion results. However, the measured coil temperature is lower
than the simulated value at relatively high air velocities. This
discrepancy is likely due to the prototype winding not being
impregnated and having a low slot fill factor of approximately
0.2. As a result, numerous gaps exist inside the slots and be-
tween copper wires, creating additional cooling channels not
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FIGURE 27 | Measured air velocity, measured and simulated
pressures at different fan speeds for the modular FSPM machines @
rotor speed of 400 rpm.
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FIGURE 28 | Simulated and measured temperatures at different air
velocities of the modular FSPM machine @ rotor speed of 400 rpm.
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accounted for in the CFD model. Consequently, the coils can
dissipate more heat than predicted.

5 | Conclusion

In this paper, a forced air-cooling system has been implemented
for the modular FSPM machine. This machine benefits from the
extra cooling channels provided by the flux gaps between stator
segments. To examine the key parameters influencing the
cooling efficiency, a series of CFD simulations have been con-
ducted. Given the significant impact of the flux gap width on the
thermal performance of the modular FSPM machine, multiple
nonmodular and modular FSPM machine models with varying
flux gap widths have been developed and analysed. The study
also explores the effect of the flux gap width on the thermal
performance of forced air-cooled modular FSPM machines un-
der different inlet conditions. Additionally, since rotor speed
also affects thermal performance, the impact of rotor speed on
the forced air-cooling efficiency has been investigated as well.
The study reveals that at a constant inlet air speed, the modular
structure lowers the machine temperature only at a small flux
gap (e.g., 1 mm). Beyond this point, the temperature increases
with wider flux gaps, eventually exceeding that of the non-
modular FSPM machine. This temperature increase is primarily
attributed to a significant reduction in the rear end-winding
convection coefficient. Additionally, the convection co-
efficients of both the front end-winding and the flux gap
decrease as the flux gap widens. This phenomenon occurs
because the system flow resistance decreases with increasing
flux gap width, leading to a reduction in air velocity since the
volumetric flow rate remains constant. The lower air velocity
limits the cooling effectiveness of the forced air-cooling system.

However, when the total system pressure loss is held constant,
the cooling system is found to be most effective at a flux gap
width of 4 mm. Although both excessively narrow and exces-
sively wide flux gaps negatively impact the cooling performance,
the modular FSPM machines still exhibit significantly lower
temperatures than the nonmodular FSPM machines. The tem-
perature increase at wider flux gaps is primarily due to the
reduction in the end-winding surface area. Lastly, the study
shows that at low rotor speeds, machine temperatures remain
nearly constant. However, once the rotor speed reaches 2800
rpm, a noticeable temperature reduction occurs. Additionally,
as rotor speed increases, the system pressure loss also rises.
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