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Abstract: This paper presents coupled electromagnetic (EM)–thermal modelling of the steady-state

dynamic performances, such as torque speed curve and the efficiency map, for surface-mounted

permanent magnet machines. One important feature of such a model is that it considers the demag-

netization caused by magnet temperature rise at different rotor speeds. EM-only simulations, which

often assume that the machines operate under constant temperature, have been widely used in the lit-

erature. However, the interaction between EM and thermal performances could lead to very different

dynamic performance prediction. This is because the material properties, e.g., magnet remanence,

coercivity, and copper resistivity are temperature-dependent. The temperature rise within electrical

machines reduces torque/power density, PM eddy current losses, and iron losses but increases copper

loss. Therefore, the coupled EM–thermal modelling is essential to determine accurate temperature

variation and to obtain accurate EM performances of electrical machines. In this paper, the coupled

EM–thermal modelling is implemented for both modular and non-modular machines to reveal the

advantages of the modular machine under different operating conditions. The results show that the

modular machine generally has better dynamic performance than the non-modular machine because

the introduced flux gaps in alternate stator teeth can boost both EM and thermal performance.

Keywords: coupled electromagnetic–thermal modelling; demagnetization; flux gaps; irreversible

demagnetization; modular SPM machine

1. Introduction

Permanent magnet (PM) machines are attracting increasing interest due to their high
power/torque density, high reliability, and efficiency. These are essential requirements
for aerospace applications, such as primary flight control [1], Green TaxiingTM [2], and
onboard power generation. To meet this increasing demand, more technologies based on
PM machines have been developed, including switched flux, unequal tooth [3], consequent
pole [4], modular [5] PM machines, etc. Amongst the recently developed technologies, the
surface-mounted permanent magnet (SPM) machines with stator modularity, as shown
in Figure 1, are promising candidates for aerospace applications. This is because of their
advantages, such as high torque/power density, high efficiency, high fault tolerant capabil-
ity [5], high demagnetization withstand capability [6,7], and low vibrations and acoustic
noise [8]. In addition, the stator modularity can be implemented not only in the SPM
machine but also in the consequent pole PM machine [9], switched flux PM machine [10],
interior permanent magnet (IPM) machine [11], etc.

The modular SPM machines have been proven to have higher torque density than
non-modular SPM machines by introducing flux gaps in the stator core. This performance
improvement is due to the increased pitch factor (and also winding factor) and flux focusing
effect, which are dependent on the slot/pole number combination and the flux gap width [5].
For example, for the modular PM machine with a pole number (2p) larger than the slot
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number (Ns), the optimized flux gap width allows the machine to achieve a unity pitch
factor and also a significant flux focusing effect, which leads to a maximized average torque.
By contrast, for a machine with 2p < Ns, introducing flux gaps can only reduce the average
torque because they always reduce the pitch factor. At the same time, they also have a flux
defocusing effect.

2𝑝𝑁 2𝑝 𝑁

  
(a) (b) 

Figure 1. Cross sections and open-circuit flux line distribution of SPM machines: (a) modular machine;

(b) non-modular machine.

Modular SPM machines have also been proven to have a higher demagnetization
withstand capability than non-modular SPM machines [6,7]. By introducing flux gaps
in the stator core, the magnetic circuit is modified. An appropriate value of flux gap
width can improve the magnet flux density and reduce its variation rate. As a result, the
demagnetization withstand capability can be improved, while the PM eddy current losses
have been reduced because of the introduced flux gaps in the modular machine. This
improvement can be more significant when machine temperature increases, or the electrical
loading is larger.

A modular machine with 24 slots and 28 poles was previously proposed and optimized
for aerospace application in [12]. The cross section of the modular machine is shown in
Figure 1a, and the specifications of the optimized modular machine are given in Table 1.
Compared with the optimized conventional non-modular machine [see Figure 1b], the
modular machine can achieve 22.4% higher torque density with only slightly increased
copper loss due to the reduced slot area. Therefore, the optimized modular machine with
24 slots and 28 poles is a promising candidate for aerospace application.

Table 1. Parameters of modular SPM machine.

Slot number 24 Rotor outer radius (mm) 129.4
Pole number 28 Rotor yoke thickness (mm) 8.6

Stator outer radius (mm) 154 Stack length (mm) 210
Stator yoke height (mm) 5.6 DC voltage (V) 800

Tooth width (mm) 13.2 Rated phase current (Apeak) 100

Flux gap width (mm) 10 Number of turns per coil 10
Airgap length (mm) 2 Rate speed (rpm) 1500

Magnet thickness (mm) 6.6

Although several prior works have already been conducted to show the superior
electromagnetic (EM) performances of modular machines, little research has been aimed
at the coupled EM–thermal modelling of their dynamic performances [13]. For variable
speed high torque/power density application, the coupled EM–thermal modelling is
particularly important for accurately predicting machine dynamic performance under
different operating conditions. This is mainly because when machine temperature increases,
magnet remanent flux density reduces, leading to reduced magnetic loading and hence
reduced output torque/power [7,14]. To maintain the same level of output torque, the phase
current (electrical loading) often needs to be increased to compensate the reduced magnetic
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loading. Together with the increased copper resistivity due to temperature rise, the copper
loss can be significantly increased [15]. This might lead to reduced machine efficiency. In
addition, as a main heat source, the increased copper loss will lead to further temperature
rise and also further reduced magnet remanent flux density [16,17]. Without coupled EM–
thermal modelling, this mutual effect between thermal performance and EM performance
cannot be accurately predicted. Therefore, to reveal the full potential of the modular
machines, the coupled EM–thermal models are proposed in this paper to investigate their
steady-state dynamic performances and compare against the conventional non-modular
machines. The steady-state EM performances at different speed for investigated machines
have been studied. The flowchart depicting the coupled EM–thermal analysis is shown
in Figure 2. The machine specifications shown in Table 1 and also the initial temperature
are used to calculate the initial EM performance, such as the torque and losses. The
losses are then adopted as the input in the 3D lumped parameter thermal network for the
thermal analysis. The obtained temperature can be used for updating the magnet properties
[based on the temperature-dependent B(H) curves] and coil resistance for each iteration.
When the temperature difference (∆T) is lower than the convergence error (εerror), the final
temperature distribution and EM performance can be obtained.

∆𝑇𝜀

 𝐵 𝑅 𝜀

𝐴

Figure 2. Flowchart of the coupled EM–thermal modelling. T, Br, R, and εerror are the temperature,

magnet remanence, phase resistance, and convergence error, respectively.

2. Dynamic Performance Analysis

The steady-state dynamic performances, such as torque speed curve and efficiency
map, are critical for variable speed applications, such as electrical vehicles, more electrical
aircraft, and so on. However, in the literature, many papers focus on the dynamic perfor-
mance without considering the EM–thermal coupling. This might not be able to predict the
real dynamic performance as the temperature rise within electrical machines has significant
impact on magnet demagnetization, phase resistance, etc. For the same phase current, the
temperature rise could lead to increased copper loss, reduced average torque, reduced
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stator, and rotor core iron losses, and hence have a significant impact on machine dynamic
performance, such as torque speed curve and efficiency map. In this paper, the modelling
with and without considering the EM–thermal coupling is carried out for the modular SPM
machines to reveal the influence of temperature rise on their dynamic performance.

2.1. Without EM–Thermal Coupling

For comparison purposes, the torque speed curve and efficiency map for both the
modular and non-modular machines are investigated in this section without considering
the EM–thermal coupling.

2.1.1. Torque Speed Curve

The EM behavior of PM machines is governed by the stator voltage equations. In a
synchronous reference frame, they can be written as,

Vd = Rid + Ld
did

dt
− ωeLqiq (1)

Vq = Riq + Lq
diq

dt
+ ωeLdid + ψmωe (2)

where V, i, ωe, L, R, ψm denote the voltage, current, rotor electrical speed, inductance,
resistance, and no-load flux linkage, respectively. The subscripts d and q represent the
direct- and quadrature-axis components.

The EM torque (Tem) and output power (Pout) can be derived as:

Tem =
3

2
p
[

ψmiq +
(

Ld − Lq

)

idiq

]

(3)

Pout = Temωm (4)

where ωm = ωe/p is the rotor mechanical speed.
If the rated phase current (is) and the DC-link voltage (

√
3Vs) for a standard space

vector pulse width modulation (SVPWM) control are given, the torque speed curve of PM
machines can be calculated using equations from (1) to (3). Furthermore, if the phase resis-
tance is neglected, the base-speed (ωb) and the maximum speed (ωmax) can be calculated by

ωb = Vs/
(

p

√

ψ2
m +

(

Lq is
)2
)

(5)

ωmax = Vs/[p(ψm − Ld is)] (6)

The torque speed curves for the investigated machines are shown in Figure 3. It
is worth noting that when the rotor speed is lower than the base-speed, the machine is
operated at constant torque region (maximum torque per ampere). When the rotor speed is
beyond the base-speed, the machine enters the flux weakening region, and the d-axis current
is increased with the increased rotor speed. It is found that compared with the conventional
non-modular SPM machine, the modular SPM machine has better performance in the
constant torque region due to higher ψm, which is achieved by adopting a suitable flux
gap width. However, the increased ψm reduces the base speed and also the maximum
speed for the modular machine as can be concluded from (5) and (6). Therefore, the high-
speed performance during the flux weakening operation of the modular SPM machine
is worsened.

2.1.2. Losses Speed Curve

In this paper, the EM performance is simulated by 2D FEM. This is accurate enough
for calculating performances, such as flux linkage, phase back-EMF, on-load torque, and
stator and rotor core iron losses. However, during the calculation of PM eddy current
losses, the axial and circumferential eddy currents at the PM end region are excluded from
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the calculation of 2D FEM. Therefore, in order to have precise PM eddy current loss results,
a 3D/2D correction factor (F) is introduced as [18]

F =
3

4
·

L2

w2 + L2
(7)

where the L and w denote the PM axial length and width, respectively.

𝐹 𝐹 = 34 ∙ 𝐿𝑤 + 𝐿𝐿 𝑤

Figure 3. Torque-speed curves for the modular and non-modular machines at room temperature

(20 ◦C) without considering EM–thermal coupling.

The stator and rotor core iron losses as well as PM eddy current loss against speed
have also been calculated, as shown in Figure 4. It is found that in the constant torque
region, the losses, including the PM eddy current losses and stator and rotor iron losses,
will all increase with rotor speed for both the investigated machines. In addition, compared
with the non-modular machine, the modular machine has lower PM eddy current loss but
higher stator and rotor core iron losses. This is mainly due to the introduced flux gaps
that lead to increased fundamental and reduced harmonic components in the airgap flux
density. Together with the higher copper loss caused by the reduced slot area, the total
loss of the modular machine is slightly higher than that of the non-modular machine at the
constant torque region. However, in the flux weakening region, the increase rates of both
the stator and rotor core iron losses as well as the PM eddy current loss of the non-modular
machine have been reduced due to the demagnetization caused by the increase in d-axis
current. For the modular machine, its stator and rotor core iron losses as well as the PM
eddy current loss even reduce. Beyond 2300 rpm, the iron loss of the modular machine can
be even lower than that of the non-modular machine.

𝐹 𝐹 = 34 ∙ 𝐿𝑤 + 𝐿𝐿 𝑤

Figure 4. Losses-speed curves for the modular and non-modular machines operating at room

temperature (20 ◦C).
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2.1.3. Efficiency Map

Using the previously calculated iron losses (Pi) and the PM eddy current loss (Pm)
together with the copper loss (Pc), the efficiency (η) can be calculated by

η =
Pout

Pout + Pi + Pm + Pc
(8)

The efficiency maps for the modular and non-modular machines are shown in Figure 5.
It is worth noting that in this figure the efficiency below 60% has been neglected. It can be
found that compared with the non-modular machine, the modular machine has a wider
high-efficiency range. Even the total loss of the modular machine is slightly higher than
that of the non-modular machine; a significant improvement in torque at the constant
torque region results in slightly higher efficiency under most operation conditions.

𝑃 𝑃𝑃 𝜂𝜂 = 𝑃𝑃 + 𝑃 + 𝑃 + 𝑃

  
(a) (b) 

𝐵𝐻 𝐵𝐻 𝐵 𝑇 = 𝐵 𝑇  1 + 𝛼 𝑇 − 𝑇 + 𝛼 𝑇 − 𝑇𝐻 𝑇 = 𝐻 𝑇  1 + 𝛽 𝑇 − 𝑇 + 𝛽 𝑇 − 𝑇𝑇 𝛼 𝛼 𝛽 , 𝛽𝛼 ≫ 𝛼 𝛽 ≫ 𝛽𝛼 = −1.2 10 𝛼 = −1.5 10 𝛽 = −6.9 10 ,𝛽 = 1.17 10

Figure 5. Efficiency maps at room temperature (20 ◦C) without considering EM–thermal coupling:

(a) modular machine; (b) non-modular machine.

2.2. With EM–Thermal Coupling

As mentioned previously, the above analyses do not consider the EM–thermal coupling.
However, the temperature rise has a significant impact on the temperature-dependent
magnet B(H) curve and copper resistivity; hence it will also have significant influence on
the dynamic performance. For the magnet material used in this paper, its B(H) curves at
different operating temperatures are shown in Figure 6. The remanence (Br) and coercivity
(Hc) are both reduced with temperature rise, and the temperature-dependent Br and Hc

can be written as [14]







Br(T) = Br(T0)
[

1 + α1(T − T0) + α2(T − T0)
2
]

Hc(T) = Hc(T0)
[

1 + β1(T − T0) + β2(T − T0)
2
] (9)

where T0 is the reference temperature, and α1, α2, β1, and β2 are temperature-dependent
coefficients. In practice, it is often found that α1 ≫ α2 and β1 ≫ β2. For example, for the
magnet used in this paper, α1 = −1.2 × 10−3, α2 = −1.5 × 10−9, β1 = −6.9 × 10−3, and
β2 = 1.17 × 10−5.

2.2.1. Temperature-Dependent PM Flux Linkage and Inductance

Considering the temperature-dependent properties of the magnets shown in Figure 6,
the flux linkage, d- and q-axis inductances have been calculated by 2D FEM, as shown
in Figure 7. These parameters will be used for calculating the temperature-dependent
dynamic performance of the modular and non-modular machines. It is shown in Figure 7a
that the d-axis flux linkage of the modular machine is always higher than that of the non-
modular machine regardless of the operating conditions. This means that for a constant
q-axis current, the torque of the modular machine will always be higher than that of the
non-modular machine as described by (3). In addition, when the magnet temperature



Energies 2023, 16, 2516 7 of 16

is larger than 150 ◦C, there is a significant reduction in the PM flux linkage for both the
investigated machines due to magnet irreversible demagnetization.

150 ℃

Figure 6. Temperature-dependent B(H) curves for PM material used in this paper.

150 ℃

(a) 

 
(b) (c) 

3.69 10 / ℃20 ℃
 

 

 ε ∆
∆ = 𝑇 − 𝑇𝑇

Figure 7. (a) The d-axis flux linkage; (b) d-axis inductance; (c) q-axis inductance vs. d- or q-axis axis

current and magnet temperature for both the modular and non-modular machines.
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Apart from the PM flux linkage, the d- and q-axis inductances vary with magnet
temperature and current as well, which can also affect the dynamic performances as
described by the equations from (3) to (6). As shown in Figure 7b,c, due to the existence of
flux gaps, the d- and q-axis inductances of the modular machine are generally smaller than
those of the non-modular machine for different currents and operating temperatures. In
addition, the inductances for both the investigated machines increase with temperature
rise. This is because at higher temperature, the magnet remanence Br reduces, and so does
the saturation level. This leads to a reduced effective airgap length and hence increased
d- and q-axis inductances.

When temperature rises, the copper loss is also increased, which can be determined by
using the temperature-dependent coefficient (3.69 × 10−3/ ◦C) of the electrical resistivity
for copper. Here, the reference temperature is 20 ◦C [15]. This increase in copper loss needs
to be feedback to the thermal modelling as it is one of the main heat sources. Therefore,
a closed-loop coupling between EM and thermal modelling needs to be implemented as
described by the flowchart shown in Figure 2 for dynamic performance analysis. Some
assumptions need to be made for the closed-loop coupling analysis, such as:

(a) The electrical resistivity of the PM and iron core are independent of temperature
variation. This is safe as when temperature increases within a limited range, the
increase in resistivity of the PM and iron core can be largely negligible [19].

(b) The investigated machines are designed for the direction control of helicopters that
do not require continuous operation. Hence, the duty ratio of 0.2 for the investigated
machines has been adopted, and one cycle lasts for 4000 s.

(c) The allowable convergence error (εerror) is set to be 0.5% in this paper.

It is worth noting that the convergence error (∆T) is identified as the magnet tempera-
ture difference described by

∆T =
Tn − Tn−1

Tn−1
(10)

2.2.2. Temperature Speed Curve

In the coupled EM–thermal models for dynamic performance analysis, the tempera-
ture variation is critical as it has a direct impact on the PM remanent flux density, coercivity,
and phase resistance. To accurately predict the temperature variation for different operating
conditions, the Lumped Parameter Thermal Network (LPTN) will be adopted. The LPTN
modelling is a well-documented method which is accurate and less time-consuming com-
pared to finite element (FE) modelling and computational fluid dynamic (CFD) modelling.
These are very desirable features for the coupled EM–thermal modelling in this paper
as temperature distributions under numerous operating conditions are required for the
dynamic performance analysis. It is worth noting that the steady-state LPTN modelling
will be used for the thermal analysis in this paper because only the maximum magnet
temperature is required to evaluate the most significant magnet demagnetization. It means
that during the FE modelling for EM analysis, the PM temperature is assumed to be uni-
form, and the value is obtained from LPTN. There are two important components in the
steady-state LPTN models. One is the heat source, and the other is the thermal resistances.
The losses (heat sources in the LPTN model) for the investigated machines have been
calculated previously in Section 2.1.2. The equivalent thermal resistances due to conduction
(Rth), convection (Rh), and radiation (Rr) can be calculated by



















Rth = L
λSth

Rh = 1
hSh

Rr =
1

αthSh

(11)

where L and Sth are the length of the heat path and the cross-sectional area for conductive
heat transfer, respectively. Sh is the heat transfer area by convection and radiation, while λ,
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h, and αth are thermal conductivity, convection, and radiation coefficients, respectively. It is
worth noting that the equation of conduction is only for a bar without heat generation in it.
However, when the bar has heat generated in it, a modified equivalent thermal resistance
(Rth = L

4λSth
) is necessary to obtain a more accurate machine temperature prediction. To

simplify the calculations, some components (such as rotor, stator back iron, housing, and
shaft) are considered as cylindrical components. Others (such as PMs, coil active windings,
and end-windings) are considered as cylindrical components with angular spans. Their
equivalent thermal resistances are more complicated. Details about the calculations of
thermal resistances of different components within electrical machines can be found in
the Appendix A.

In the LPTN model, the thermal conductivities of different materials are generally
known. However, the convection coefficients on different surfaces are difficult to obtain.
This is particularly the case for surfaces in the airgap, in flux gaps, on end-windings, etc.
To calculate these thermal convection coefficients, 3D CFD modelling has been adopted. By
way of example, the results at the rated speed (1500 rpm) for modular and non-modular
machines are shown in Figure 8. It is worth noting that both the modular and non-modular
machines are totally enclosed without fan cooling, and their convection coefficients on
different surfaces are largely similar. However, the introduced flux gaps can increase the
contact surface area and reduce the equivalent thermal resistance as described by (11). As a
result, they have the potential to improve machine internal cooling.

  
(a) (b) 

℃

Figure 8. Convection coefficient distribution on different surfaces inside (a) a modular machine and

(b) a non-modular machine. The rotor speed is 1500 rpm.

It is worth noting that the convection coefficient distribution shown in Figure 8 is
estimated by the direct approach as [20]

hi =
q
′′
i

(Twi − Tai
)Ai

(12)

where hi, q
′′
i , Ai, and Twi are the convection coefficient, heat flux, heat exchange surface

area, and temperature of the target mesh element, respectively. Tai
is the temperature of air

that is adjacent to the target mesh element which may not be the same for different meshes.
Therefore, the convection coefficient calculated by this direct approach is not accurate
enough for the LPTN modelling. In order to adapt to the LPTN, the average convection
coefficient (h) on different surfaces should be re-written by

h =
∑
(

Aiq
′′
i

)

∑(AiTwi)− Ta ∑ Ai
(13)
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where Ta is the average temperature of air within the investigated machines. According to
(13), the equivalent thermal resistances that represent the thermal convection are derived by

Rc =
1

h·∑ Ai

(14)

A modified convection coefficient and equivalent thermal resistance are more suitable
for establishing the LPTN model. For the LPTN built in this paper, all equivalent thermal
resistances that represent components inside the machine are linked to only one node,
i.e., the node that represents the air inside the machine. Therefore, employing the average
temperature of air obtained from CFD modeling as a reference temperature for calculating
the convection coefficient can achieve an accurate temperature prediction.

The simplified LPTN for the modular machine is developed based on the model in
Motor-CAD v13.1 as shown in Figure A3 (see Appendix A). It is worth noting that the
heat convection from the flux gap surfaces to air should be introduced to obtain more
accurate machine temperature distribution for the modular machines. The equivalent
thermal resistances can be calculated by (A1) to (A13). The steady-state temperatures of
PMs at different rotor speeds have been calculated by the LPTN as shown in Figure 9.
Like the trend of losses presented in the previous section, the temperatures within both
machines increase with increasing rotor speed. It is also found that when the rotor speed is
low, the magnet temperatures within the modular machine are slightly higher than those
within the non-modular machine due to higher copper loss and iron losses. However, when
the rotor speed is beyond the base speed, the temperatures within the modular machine
are reduced due to the influence of magnet demagnetization. In addition, to prevent
the PM from irreversible demagnetization, the critical temperature of the PM material
chosen in this paper is around 150 ◦C [21]. It can be seen that the magnet temperature
in the modular machine is always lower than the critical temperature for the full speed
range. By contrast, the temperature of the non-modular machine can go beyond the critical
temperature, leading to potentially serious irreversible demagnetization.

 ℃

Figure 9. Magnet and winding temperature speed curves of modular and non-modular machines.

2.2.3. Dynamic Performance

To evaluate the impact of temperature rise on machine EM performance, the temperature-
dependent B(H) curve and the temperature speed curve are implemented to re-evaluate
the torque speed curve for the modular and non-modular machines, as shown in Figure 10.
It is worth noting that the EM performances of the machines without the coupled model
do not consider the influence of temperature variation within the machine. The material
properties are all chosen at 20 ◦C. In contrast, the EM performances obtained by the coupled
model fully consider the thermal influence. This includes the impact of temperature on PM
demagnetization and copper resistance. It can be found that for both machines, when the
demagnetization caused by temperature rise is considered, the torque is reduced due to
reduced PM flux-linkage. Furthermore, the increased temperature improves both the base
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and maximum speeds, also due to reduced PM flux-linkage as calculated by (5) and (6).
Therefore, although the demagnetization can reduce the EM performance in the constant
torque region, it can improve the performance in the flux weakening region.

 ℃

  
(a) (b) 

Figure 10. Torque speed curves of (a) the modular machine and (b) the non-modular machine with

or without considering the EM–thermal coupling.

As shown in Figure 11, the iron losses and PM eddy current losses are reduced due to
the demagnetization caused by temperature rise. It is worth noting that the losses at each
speed have been calculated under the condition that the investigated machines operate
under maximum torque per ampere or per volt control. However, the copper loss will
be increased due to the increase in coil temperature. These variations in losses and also
on-load torque due to temperature rise will lead to a significant change in the efficiency
maps for the modular and non-modular machines, as shown in Figure 12. It can also be
found that, similar to the EM-only predictions, although both machines have similar peak
efficiency, the area for peak efficiency of the modular machine is larger than that of the
non-modular machine.

  
(a) (b) 

Figure 11. Losses speed curve of (a) the modular machine and (b) the non-modular machine with

and without the EM–thermal coupling.

  
(a) (b) 

Figure 12. Efficiency maps of (a) the modular machine and (b) the non-modular machine considering

the EM–thermal coupling.
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3. Conclusions

In this paper, the dynamic performance considering the EM–thermal coupling has
been investigated for both the modular and non-modular machines. Compared to the
non-coupled EM-only analysis, the coupled EM–thermal modelling can consider the effect
of temperature rise on magnet properties, e.g., the remanence and coercivity and copper
resistivity. For example, at a given temperature, the EM performance, such as the PM
flux linkage, stator and rotor core iron losses, PM eddy current loss, and copper loss,
can be calculated. The calculated losses will be used as input in the thermal model to
calculate an updated temperature distribution, which, in turn, will allow the calculation
of updated EM performance. This will make accurate analysis of dynamic performance
under different operating conditions possible. Based on the results obtained by the coupled
EM–thermal models, it was found that compared with the non-modular machine, the
modular machine generally has higher torque and efficiency under different operating
conditions. This is mainly due to the introduced flux gaps in alternate stator teeth that can
be used to boost both the EM and thermal performances. The flux gaps result in high torque
density and better demagnetization withstand capability. In addition, the flux gaps also
provide additional cooling channels that can reduce the machine temperature, especially
the PM temperature. In conclusion, the performance improvements of the modular machine
have been fully revealed according to the coupled EM–thermal modelling of steady-state
dynamic performances.
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Appendix A

In the thermal analysis using LPTN model, electrical machines can be divided into
serval hollow cylinders, which is the case for the rotor and stator yokes, as shown in
Figure A1a. However, the magnets, coils, stator teeth and end-windings can be regarded as
cylindrical components with different angular spans, as shown in Figure A1b.

For the components without heat generation, e.g., shaft and housing, their heat trans-
fer can be represented by the equivalent LPTN shown in Figure A2a. Their equivalent
resistances are derived by [22–25]

R1r =
1

4πλL
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2r2

2ln
(

r1
r2

)

(

r2
1 − r2

2

)



 (A1)
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4πλL
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1ln

(
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r2
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(
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𝛼 𝑟 𝑟 𝐿𝑇 𝑇 𝑇 𝑇Figure A1. Cylindrical components in electrical machines. (a) Whole component and (b) with

angular spans α. r1, r2 and L are the radius of inner surface, radius of outer surface and stack length,

respectively. T1, T2, T3 and T4 are the temperatures of the front, rear, outer and inner surfaces.
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Figure A2. Equivalent LPTN for cylindrical components. (a) Without and (b) with heat generation.

However, for components with heat generated inside them such as the stator and rotor
iron cores and magnets, a third equivalent thermal resistance R3 needs to be introduced, as
shown in Figure A2b. The values of R3 in radial and axial directions have been derived using

R3r =
−1

8πλL
(
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2
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(
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)

(
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1 − r2

2

)



 (A4)

R3a =
−L

6πλ
(

r2
1 − r2

2

) (A5)

Similarly, for the coils, teeth and end-windings having different angular spans α, their
equivalent thermal resistances can be derived by [26]
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R3a =
−L

3αλ
(

r2
1 − r2

2

) (A10)

The consideration of heat transfer in circumferential direction for coils and teeth is also
necessary. They can be regarded as trapezoidal components, and their equivalent thermal
resistances can be derived by [27]

R1c = R2c =
α

λLln
(

r1
r2

) (A11)

R3c =
−α

3λLln
(

r1
r2

) (A12)

The coil with insulation and potting compound has been regarded as an ideal material
with anisotropic thermal conductivity. By assuming that the thermal properties of the
insulation layer is close to the potting compound, the Hashin and Shtrikman approxima-
tion is able to estimate the equivalent thermal conductivity (λe) in the direction which is
perpendicular to the direction of current as [28]

λe = λp
(1 + νc)λc + (1 − νc)λp

(1 − νc)λc + (1 + νc)λp
(A13)

where the copper volume ratio νc is taken to be equal to the packing factor. The subscripts
c and p represent the conductors and impregnation, respectively.

The LPTN model of the non-modular machine can be developed using Motor-CAD
software package. This is the same for the modular machine. The difference however is that,
due to the existence of the flux gaps, extra thermal resistances due to convection will be
needed in the LPTN model of the modular machine, as shown in Figure A3. As mentioned
previously, the convection coefficients have been calculated using 3D CFD modelling, as
shown in Figure 8.

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure A3. LPTN model based on Motor-CAD for the modular machine.
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