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Abstract

Accurate modeling of process temperatures within jacketed batch reactors has the

potential to mitigate the risk of thermal runaways and enhance process control. A

non-adiabatic heat transfer model is derived for the investigation of heat transfer in

laboratory to pilot scale reactors of 0.5–40L. By accounting for heat removed from the

process by a total condenser, and losses through the process lid, the model is able to

predict process temperature profiles within the uncertainty limits of the experimental

measurements. Heat losses from the outer jacket wall had a negligible impact on

the evolution of process temperature but may contribute significantly to utility costs.

Jacket duty measurements implied greater heat accumulation within the reactor vessel

than anticipated, equivalent to ∼ 60% of that in the process fluid at 40 L scale. This

raises the potential for heat transfer coefficients to be systematically under-estimated

by adiabatic models, particularly at laboratory to pilot scale.
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1 Introduction

The capacity to accurately predict the temperature inside jacketed batch reactors, potentially

avoiding the need for in situ temperature monitoring on the process side, could incur signif-

icant benefits.1–4 Such a model could be used to precisely optimize subcooling conditions for

batch cooling crystallisation5 without extensive experimentation, or to pre-emptively avoid

operating conditions for exothermic reactions vulnerable to dangerous thermal runaways.6–8

Alternatively, an improved understanding of the thermal response of reactors to changes

in the jacket duty could enable greatly enhanced temperature control on the process-side,

minimizing batch times while limiting the overshoot 3 or instability9 in process temperature.

A typical feedback-control system10 may use process-side temperature monitoring to manip-

ulate the temperature and/or flow rate of the thermal fluid in the jacket. However, reactors

may exhibit significant inertia in their thermal response1,4 as the jacket fluid must raise,

or lower, the temperature of the vessel before heat can accumulate in, or dissipate from,

the process-fluid. The cumulative times for communication of in situ temperature data, the

requisite time to adjust the heating or cooling duty, combined with the thermal inertia of

the vessel, the jacket, the pipework and the thermoregulator can entail a sluggish response

and departure from the designed operating conditions. The responsiveness of the control

system could be greatly improved through predictive, feed-forward or adaptive11,12 control

approaches combined with a more comprehensive and precise characterization of the reactor

system.

Commonly employed lumped-parameter heat transfer models13,14 derive from a simplified

description of the reactor energy balance, employing assumptions such as perfect mixing

on the process side, negligible residence time in the thermal jacket, instantaneous thermal

response times, use of an overall heat transfer coefficient (OHTC), U , and perfect insulation

of the process vessel and thermal jacket.15 Sophisticated on-line control systems for batch

reactors,3,16 and heat of reaction calorimeters,17 still regularly employ such assumptions in

their heat transfer models. Advancements in computational power invite the possibility
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Nomenclature

A heat transfer area

E thermal effectiveness

Emod modified thermal effectiveness

Q quantity of heat transferred

T temperature

Φ Phi-factor, or thermal inertia

α heat transfer film coefficient

α0 free convection film coefficient

cp specific heat capacity

t time

D diameter

H height

M mass

U overall heat transfer coefficient

δ thickness

Ṁ mass flow

Q̇ heat flow

u measurement uncertainty

x position along the length of the
jacket

Superscripts

˙ time derivative

˜ dimensionless

Subscripts

0 initial condition, t = 0

1 inlet

2 outlet

∞ ambient

C cooling

c condenser

d dished portion of the reactor vessel

H heating

j jacket

jloss jacket losses

p process

ploss process losses

s source (generation/consumption)

set target

w wall

of a more precise representation of jacketed batch reactors, addressing the more onerous

assumptions of the lumped model, without excessive computation times.4

The assumption employed by the classical adiabatic model, that the reactor experiences

negligible thermal losses and thus all heat transferred from the jacket accumulates in the

process fluid, has been shown to hinder the accurate prediction of process temperature

profiles, particularly at laboratory scale,13,18 and merits a revision to the energy balance.

Four avenues for thermal losses should be considered. The flow of the thermal fluid through

the jacket will experience heat loss to the ambient surroundings due to free convection
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and thermal radiation at the outer jacket wall. The vapour in the vessel ullage will be in

equilibrium with the process fluid and so will condense on the cool internal surface of the

vessel above the fluid level resulting in heat loss to the ambient surroundings. Likewise, any

vapours entering an overhead condenser (which are, on occasion, necessary to maintain a

near constant liquid volume in the reactor) will remove heat from the process. In addition to

the thermal losses to the ambient surroundings, the thermal jacket duty must raise/lower the

temperature of the total mass of the equipment (including the process and jacket walls and

the agitator) as well as that of the process fluid. Heat accumulation within the equipment

can correspond to a significant portion of the total thermal jacket duty, often resulting in a

sluggish control response and undesirable overshoot of the process set temperature. Failure

to account for all these thermal losses has resulted in studies reporting distinct OHTCs for

heating and cooling regimes,19,20 since thermal losses retard heat accumulation and accelerate

dissipation from the process. Consequently, many OHTC values quoted in the literature,

ascertained using the assumptions employed by these lumped adiabatic models, are likely

to pertain to specific temperature plans and ambient conditions. Furthermore, the sizing of

external equipment21 (heat exchangers or thermoregulators) to supply the thermal duty for

heating operation may be underestimated (or overestimated for cooling operation) on the

basis of lumped, adiabatic models.

An ordinary differential equation (ODE) model proposed in a previous work by the cur-

rent authors18 demonstrated improved performance by considering the influence of thermal

losses through the reactor lid, but stopped short of presenting an entirely non-adiabatic model

inclusive of thermal losses from the outer jacket wall and heat removed from the process by

an overhead total condenser. This study presents the derivation of a novel, non-adiabatic

model, which will be used to investigate experimental data obtained from laboratory to pilot

scale jacketed agitated batch reactors of sizes 0.5, 5 and 40L. The heat transfer model will

be used to explore the significance of the jacket-side thermal losses and the impact of the

thermal mass of the reactor vessel and components on the heating or cooling duty and the
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total energy consumption during experimentation.

2 The non-adiabatic heat transfer model

Q̇j1

Tj1

Q̇j2

Tj2

Q̇j, Ṁ

Q̇j−p

Q̇p

Tp
Q̇jloss

T∞

Q̇ploss

Q̇c, Ṁc, Tc1, Tc2

Figure 1: Schematic of heat transfer processes in a non-adiabatic jacketed batch reactor
experiencing thermal losses to its surroundings and with a total condenser on the process-
side.

A schematic of a jacketed batch reactor, experiencing thermal losses at the outer jacket

wall and through the reactor lid, and with a total condenser to maintain a constant liquid

volume on the process side, is presented in Figure 1. Various rates of heat transfer are

identified in the schematic, the total rate of heat transfer from the jacket, calculated from

the heat flows at the inlet and outlet, Q̇j = Q̇j2 − Q̇j1, the rates of thermal loss from the

outer jacket wall, Q̇jloss, and direct from the process side, Q̇ploss, the rate of heat transfer

across the wall between the jacket and process, Q̇j−p, the condenser duty, Q̇c, and the rate

of heat change in the process fluid, Q̇p. Additional sources of heat generation within the

process, including heats of reaction, crystallisation or mixing, along with thermal inputs

from the mechanical work of the impeller, are denoted Q̇s, but will not be significant for

the purpose of characterizing the heat transfer behavior of the reactor systems in this study

(an inert process fluid will be used to focus purely on the heat exchange processes and the
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thermal input of the impeller can be considered negligible in this case). In the absence of

heat generation within the process, the rate of heat change in the process fluid, and thus

the evolution of process temperature, can be derived as a function of time from the initial

process temperature, Tp(0), various ex situ temperature measurements and flows, the total

thermal mass,
∑N

n=1 (Mcp)n, and three products (OHTCA) of OHTCs and heat transfer

areas, A, as summarized in eq. (1):

Tp(t) = f











Tp(0), Tj1(t), T∞(t), Tc1(t), Tc2(t), (UA)p,

(UA)jloss, (UA)ploss, Ṁj, Ṁc,

N
∑

n=1

(Mcp)n











(1)

where (UA)p is the OHTCA for heat transfer from the jacked to the process, and (UA)ploss

and (UA)jloss are OHTCAs for the process and jacket side thermal losses. The thermal mass

term,
∑N

n=1 (Mcp)n, comprises the mass and specific heat capacity products of the reactor

vessel and its constituent parts as well as that of the process fluid. In reaction calorimetry,

the ratio of this augmented thermal mass, or thermal inertia, to that of the process fluid

alone is labeled the Phi-factor, Φ:22,23

Φ =

∑N

n=1 (Mcp)n
(Mcp)p

(2)

The Phi-factor is commonly assumed to approximate unity, 1–1.05 ,22 at process scale (de-

pending on the reactor construction materials), but is likely to be significantly greater for

laboratory to pilot scale reactors and calorimeters (unless specifically engineered to minimize

the reactor’s thermal inertia22).

The non-adiabatic ODE model is presented in eq. (3). The complete step-wise derivation

is provided in the supporting information (SI).
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N
∑

n=1

(Mcp)n
dTp

dt
= kTj1−

(

k + (UA)jloss

(1 + ˜(UA))
+ (UA)ploss

)

Tp+

(

(UA)jloss − ˜(UA)k

(1 + ˜(UA))
+ (UA)ploss

)

T∞−

(Ṁcp)c(Tc2 − Tc1) + Q̇s

(3)

Here, the recurring parameter k represents k =
Emod(Ṁcp)j

(1+ ˜(UA))
, the modified thermal effec-

tiveness is given by Emod = 1− exp
(

−
(UA)p+(UA)jloss

(Ṁcp)j

)

and a dimensionless OHTCA denotes

˜(UA) =
(UA)jloss
(UA)p

. This ODE heat transfer model simplifies under many mildly different re-

actor configurations and commonly applied assumptions. In the absence of the condenser,

Ṁc → 0, no reaction heat, Q̇s → 0, and for a well-insulated jacket, (UA)jloss& ˜(UA) → 0,

eq. (3) reduces to the two coefficient semi-adiabatic model previously presented in Johnson

et al. 18 :

N
∑

n=1

(Mcp)n
dTp

dt
=E(Ṁcp)j(Tj1 − Tp)+

(UA)ploss(T∞ − Tp)

(4)

where E = 1−exp
(

−
(UA)p
(Ṁcp)j

)

. If the process lid is perfectly insulated ((UA)ploss → 0), eq. (4)

reduces further to the classical adiabatic approach. Returning to the non-adiabatic model,

the capacity to accurately predict the evolution of the total thermal duty of the reactor

jacket represents an additional, significant measure of the model performance,9 alongside

predictions of the evolution in process temperature. A complete model should estimate

the total energy consumption of operation, and thus the utility costs, in addition to the

accumulation and dissipation of heat in the process fluid. The jacket duty can be calculated

from the parameters listed in eq. (1) using the relationship in eq. (5):
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−Q̇j = k
((

1 + ˜(UA)
)

Tj1 − Tp −
˜(UA)T∞

)

(5)

Identities and relationships for all of the rates of heat transfer identified in Figure 1 are

defined, in terms of the input parameters listed in eq. (1), in Table 1.

2.1 Numerical solution

Numerical solutions to eq. (3) are acquired using Heun’s method, with a time interval of 1 s.

For the purpose of assessing the rates of heat transfer from the jacket to the process, the

thermal losses from the jacket and the process lid, and the heat removal by the condenser,

an inert fluid will be used on the process side. Consequently, there is no process side heat

generation or dissipation, Q̇s → 0, and the physical properties of the process fluid will not

evolve substantially during experimentation and may be approximated as constants. Under

typical reactor operation, the heat transfer model will be coupled with the reaction kinetics,

dictating evolution in reagent concentrations, dCA

dt
,24,25 and the change in thermophysical

properties of the reaction mixture as a function of conversion. The reaction kinetics will

likely contain an Arrhenius term dictating the reaction rate to be an exponential function

of process temperature, and thus additional care must be taken to ensure that the time step

is sufficiently small, and the chosen numerical model sufficiently robust, to avoid escalating

numerical errors and instability. Similarly, for operations involving phase changes or poly-

merization26 on the process side, the physical properties and the total reactor thermal mass

may evolve significantly with time and should be updated at each iteration of the numerical

loop. Full characterization of the reactor system requires optimization of the three OHTCAs

and the thermal mass term (or Φ) in eq. (3) to best replicate the experimentally observed

evolution in process temperature and jacket duty.
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Table 1: Correlations for the various rates of heat transfer identified in Figure 1

Property Identity Equation

Q̇j

∫ L

0 (Ṁcp)j
dTj(x)

dx
dx −k

(

(1 + ˜(UA))Tj1 − Tp −
˜(UA)T∞

)

Q̇j−p

∫ L

0 (UA′)p(Tj(x)− Tp) dx kTj1 −
(UA)jloss+k

(1+ ˜(UA))
Tp −

k ˜(UA)−(UA)jloss

(1+ ˜(UA))
T∞

Q̇jloss

∫ L

0 (UA′)jloss(Tj(x)− T∞) dx k(ŨA)Tj1 +
(UA)jloss−k(ŨA)

1+(ŨA)
Tp −

k(ŨA)2+(UA)jloss

1+(ŨA)
T∞

Q̇p

∑N
n=1 (Mcp)n

dTp
dt

kTj1 −

(

k + (UA)jloss

(1 + ˜(UA))
+ (UA)ploss

)

Tp+

(

(UA)jloss − ˜(UA)k

(1 + ˜(UA))
+ (UA)ploss

)

T∞−

(Ṁcp)c(Tc1 − Tc2) + Q̇s

Q̇ploss (UA)ploss(Tp − T∞) (UA)ploss(Tp − T∞)

Q̇c (Ṁcp)c(Tc2 − Tc1) (Ṁcp)c(Tc2 − Tc1)
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3 Materials and methods

Heat transfer experiments were conducted at 0.5, 5 and 40L scales. A schematic of the exper-

imental configuration is presented in Figure 2a.18 The total condenser shown in Figure 2a was

used only during the pilot scale, 40 L, experiments. A thermoregulator was used to supply

a thermal fluid to the reactor jacket in order to heat and cool water on the process side. A

Huber Unistat 380 HT thermoregulator (Q̇H = 2.65 kW and Q̇C(T = 20 ◦C) = 1.3 kW)

was used for the 0.5–5L reactors, while a larger Huber Unistat 510 (Q̇H = 6kW and

Q̇C(T > 0 ◦C) = 5.6 kW) was used for the 40L reactor.

(a) (b)

Figure 2: Schematics of (a) the experimental facility configured for the assessment of heat
transfer performance[Reprinted with permission from Johnson, Heggs and Mahmud,18 Copy-
right (2016) American Chemical Society] and (b) the reactor geometry [Reprinted and
adapted with permission from DDPS Limited,27 Copyright (2020) De Dietrich Process Sys-
tems GmbH.].

The heat transfer fluid on the jacket side was a triethoxysilane-based oil, DW-Therm

(Radleys, U.K.). The thermoregulators were controlled using LabView software at an ad-

jacent computer to achieve the required jacket inlet temperature profile. A heating-cooling
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cycle was employed at the 0.5–5L scales, while a simple heating ramp was used at 40 L scale.

The 0.5 and 5L experiments were controlled such that the process temperature should fol-

low a set temperature, Tset, profile (process-control mode), while the 40 L experiment was

controlled such that the jacket inlet temperature follows a set temperature profile (jacket-

control mode). A schematic of the reactor vessels is presented in Figure 2b, and the geometric

specifications of the 0.5–5L reactors (Radleys, UK) and 40L reactor (DDPS Limited), are

provided in Table 2.

Table 2: Reactor dimensions and thermal parameters for the three experimental scales.

Reactor 1 2 3
Manufacturer Radleys Radleys DDPS
Capacity (L) 0.5 5 50
Filled volume (L) 0.5 5 40
Dp (mm) 85 180 450
Hp (mm) 96 209 292
Hd (mm) 15 25 84
Dj (mm) 12 25 21
δpw (mm) 3 5 6
δjw (mm) 2.5 4 5
(Mcp) (kJK

−1) 2.04 20.4 163
∑N

n=1 (Mcp)n (kJK
−1) 2.47 23.2 175

Φ 1.20 1.14 1.08

(Ṁcp)j (kJK
−1 s−1) 0.231 0.180 0.882

Ap (10
−3 m2) 28.0 131 475

Aploss (10
−3 m2) 5.67 25.5 159

Ajloss (10
−3 m2) 58.1 268 748

In line PT-100 temperature probes, with an uncertainty of ±0.3K at 0 ◦C, were used

to record process temperatures at the jacket inlet and outlet, the condenser inlet and out-

let and the ambient temperature. The process temperature was monitored using a PTFE

PT-100 temperature probe, with an uncertainty of ±0.15K at 0 ◦C, and the flow rate in

the jacket was monitored to ±1% accuracy using a positive displacement flow meter (Caché

Instrumentation Ltd., UK). Experimental measurements were logged at 1Hz frequency dur-

ing the 0.5–5L tests and 0.03Hz during the 40L test by the LabView software. Ambient

temperature measurements were monitored 0.5m from the reactor vessel, under the same
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fume hood. The ambient temperature was not recorded during the 40 L scale experiment

and was assumed to remain constant at 20 ◦C throughout the experiment.

4 Results and discussion

Experimental temperature data acquired at the three process scales are presented in Figure 3.

The thermoregulator demonstrates a better aptitude to precisely control the jacket inlet

temperature during the 40 L experiment, operated in jacket-control mode, than it controls the

process temperature during the smaller scale experiments, operated in process-control mode.

This illustrates the limitations of feedback control algorithms driven by real-time, in situ

process temperature measurements, due to the lag in responsiveness caused by the thermal

inertia of the reactor system.1,23 This inertia in process temperature response becomes more

pronounced with increasing scale due to the increased thermal mass of the reactor and its

contents, resulting in increased departure from the set temperature profile during the 5 L

experiment, as compared with the 0.5L test. At the end of the heating cycle of the 5 L

experiment, the process temperature overshoots the set temperature by 7 ◦C. For certain

pharmaceutical or biological applications, for instance, requiring precise control of the process

conditions, an overshoot of the design operating temperature by this magnitude could be

sufficient to ruin the batch.

During the 40 L scale test, the process temperature asymptotes at a steady-state tem-

perature around 0.9K below the jacket inlet and outlet temperatures, demonstrating the

influence of thermal losses from the process side,18 including both the thermal losses from

the reactor lid and the heat removed by the condenser. Given sufficient batch times, the

difference between jacket inlet and process temperatures will exponentially decay to zero

for an adiabatic reactor, and thus a positive OHTCA for process losses is a prerequisite

to accurately predict the evolution of process temperature.18 The thermal losses are also

observed through the mild rise in ambient temperature in Figure 3a, measured 0.5m from
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Figure 3: The evolution of set temperature, process, jacket inlet, ambient and condenser inlet
temperatures during heating/cooling experiments in (a) 0.5L, (b) 5 L and (c) 40 L jacketed
batch reactors

the 0.5L reactor, while the process and jacket temperatures are elevated. In addition to the

0.15–0.3K uncertainties in the temperature measurements, the ambient temperature mea-

surements were found to be sensitive to the probe location, which presents an additional

challenge for estimating the thermal losses.

4.1 Modeling process temperature under semi-adiabatic condi-

tions (a perfectly insulated outer jacket wall)

Initially, in order to model the evolution of process temperature at the three experimental

scales, the semi-adiabatic, or perfectly insulated thermal jacket ((UA)jloss → 0), assumption

was considered. Table 3 lists the estimated thermal mass of the three reactor systems and

the OHTCAs for heat transfer to the process and process losses used to predict the response

of the temperatures on the process-side. The corresponding predictions of the ODE model

are presented in Figure 4.

For significant portions of each test, the predicted process temperature profiles very

closely mirror the experimental measurements at all three experimental scales, with the de-

parture from the experimental data comparable to the uncertainty inherent to the PT-100

temperature probe measurements. The model performs less well at the start and end of the

13



Table 3: Model parameters used in the predictions of the process temperature responses for
a semi-adiabatic assumption (perfectly insulated thermal jacket).

Volume
∑N

n=1 (Mcp)n Φ (UA)p (UA)ploss (UA)jloss
(UA)p

(UA)ploss

(L) (kJK−1) (WK−1) (WK−1) (WK−1)
0.5 2.5 1.20 5.07 0.58 0 8.7
5 23 1.14 13.4 0.9 0 14.9
40 175 1.08 89 3.5 0 25.4
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Figure 4: Profiles of the experimental process temperatures with corresponding predictions
using the ODE model, assuming a perfectly insulated outer jacket wall (eq. (4)), at (a) 0.5,
(b) 5 and (c) 40 L scales

0.5 and 5L experiments when the process temperature is close to the ambient temperature

due to the uncertainties in ambient temperature measurements. The fact that the predicted

process temperatures equilibriate at a temperature above the in situ measurements likely

indicates that the ambient temperature measurements were artificially high due to the tem-

perature probe being placed too close to the reactor. Thus, the largest departure from the

experimental data could be diminished by simply monitoring the ambient temperature at

multiple locations.

The promising performance of the semi-adiabatic model would appear to indicate that

the thermal losses from the outer jacket wall do not particularly influence the rate of heat

accumulation on, and dissipation from, the process side. Since the flow rate in the thermal

jacket is typically high and the residence time in the jacket and temperature drop along the

length of the jacket are low, the driving force for heat transfer from the jacket to the process,

Tj(x)− Tp, will be virtually uniform across the inner wall of the jacket and is unlikely to be
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heavily influenced by the magnitude of the thermal losses at the outer jacket wall. However,

the jacket losses will contribute the total duty of the thermal jacket, −Q̇j = Q̇j−p + Q̇jloss.

If the thermal losses correspond to a significant portion of the thermoregulator’s heating

duty then this could compromise the capacity of the thermoregulator to achieve the desired

jacket inlet temperature profile. It is therefore important to consider the duty of the thermal

jacket, in addition to the evolution in process temperature, when assessing the heat transfer

model performance.

A major obstacle to assessment of the thermal duty of the jacket is that the low residence

time in the jacket necessitates a small temperature drop along the length of the jacket, which

is often comparable in magnitude to the ±0.3K uncertainty in the temperature measure-

ments. The particularly short residence time in the jacket of the 0.5L vessel dictated that the

temperature drop along the jacket was too small to estimate the jacket duty with adequate

confidence based on the experimental measurements. Of the two larger scale tests, which

exhibited larger temperature drops in the thermal jacket, and thus reduced uncertainty in

the experimentally determined jacket duties, the 40 L temperature profile involved a long

period where the jacket inlet temperature was held constant at 40 ◦C. This allowed the pro-

cess temperature to approach a steady state temperature, indicating a period of negligible

heat accumulation in the process, Q̇p → 0, coinciding with the period of maximum thermal

losses. This period of negligible heat accumulation in the process and steady state heat

transfer from the jacket illustrates the magnitude of the thermal losses most clearly. For

these reasons, assessment of the thermal losses and the contributions of the various thermal

duties will focus on these 40 L data.

4.2 Influence of thermal losses from the jacket

In order to explore the influence of the thermal jacket losses and the thermal mass of the

reactor on the heating requirements of the thermoregulator, six cases will be investigated at

40 L scale. The first case considers the classical adiabatic approach with a perfectly insulated
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process lid and outer jacket wall, but an elevated thermal mass to account for the thermal

inertia of the reactor vessel. Case 2 considers the perfectly insulated jacket, as previously

considered in Figure 4c, while cases 3-4 consider jacket-loss OHTCAs of 1,2 and 4 times the

magnitude of the OHTCA for losses from the process, (UA)jloss. Case 6 considers the effects

of raising the total thermal mass of the process fluid, reactor and inserts by 50%, thereby

raising the Phi-factor from 1.08 to 1.61. The model parameters are summarized in Table 3.

The predictions for (a) the evolution in process temperature, (b) the breakdown of total

energy consumption, and (c) the temperature drop and thermal duty of the reactor jacket

are provided in Figure 5.

Table 4: Alternative cases of heat transfer parameters used to model the 40 L experiment
using eq. (3).

∑N

n=1 (Mcp)n Φ (UA)p (UA)ploss (UA)jloss
(kJK−1) (WK−1) (WK−1) (WK−1)

Case 1 175 1.08 89 0 0
Case 2 175 1.08 89 3.5 0
Case 3 175 1.08 89 3.5 3.5
Case 4 175 1.08 89 3.5 7.0
Case 5 175 1.08 89 3.5 14
Case 6 263 1.61 135 5.7 0
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25

30

35

40

(a) (b) (c)

Figure 5: Assessment of the heat transfer model performance at 40 L scale, including (a)
the evolution in process temperature, (b) the breakdown of the total energy transfer from
the jacket during 260min reactor operation, and (c) the evolution in the temperature drop
along the jacket and the thermal duty of the jacket for the five cases summarized in Table 4;
the uncertainty in the jacket duty profile obtained from the experimental measurements is
shown as a semi-transparent grey area in (c).
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With the exception of case 1, Figure 5a demonstrates that for each of the remaining

cases (2-6), the predicted process temperature profiles mirror the experimental data with an

accuracy similar in magnitude to the uncertainty of the experimental measurements. For the

adiabatic assumption the predicted process temperature begins to exceed the experimental

measurements after around 90min, since the experimentally observed maximum process

temperature is limited by thermal losses through the process lid, which are neglected in this

case. The magnitude of the departure from the experimental data is in the order of 0.9K in

the adiabatic case, however this error will escalate for operations performed over a broader

temperature range and when the heat transfer model is coupled with temperature sensitive

reaction kinetics and significant heats of reaction.

The strong performance of each of the cases incorporating thermal losses through the

process lid (cases 2-6) implies that the accurate prediction of the evolution of process tem-

perature does not require a unique combination of heat transfer coefficients. This implies

that the thermal losses from the jacket do not significantly impact the rate heat accumulation

on the process side for a defined jacket inlet temperature profile. Furthermore, Figure 5b

demonstrates that the jacket losses can contribute significantly to the total energy consump-

tion without greatly influencing the rate of heat transfer to the process.

Case 5, with the greatest thermal losses from the jacket, consumes around 4MJ of energy

servicing these thermal losses from the jacket, almost doubling the total energy consumed

during case 2, with the perfectly insulated jacket. Figure 5b demonstrates however that this

represents an extreme case for the jacket-side losses, whereby the energy lost from the outer

jacket wall exceeds the energy accumulation on the process side, which seems unrealistic

given the inefficiency of free convection and thermal radiation heat transfer in air at the

outer jacket wall (α0 ∼ 10Wm−2 K−1) in comparison with forced convection in water on

the process side (α ∼ 300Wm−2 K−1). Fortunately, uncertainty analysis of the measured

temperature drop along the jacket, combined with the constraints of the energy balance,

limit the range of plausible jacket-loss OHTCAs.
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The uncertainty in the experimentally determined jacket temperature drop is demon-

strated by the negative values recorded towards the end of the experiment, ∆Tj = Tj1−Tj2 ≈

−0.06K. During the final hour of data collection the process temperature is approximately

steady state and thus the rate of heat accumulation in the process is negligible. Under these

conditions, the rate of heat transfer from the jacket to the process is equivalent to the total

thermal losses from the process, Q̇j−p(t → ∞) = Q̇ploss + Q̇c, including the heat removed by

the total condenser. Equally, the total jacket duty is equivalent in magnitude to the sum

of all the thermal losses and the condenser duty, −Q̇j(t → ∞) = Q̇jloss + Q̇ploss + Q̇c. The

temperature drop along the jacket cannot be negative when Tj(x) > Tp >> T∞ and Tp > Tc1,

since all three heat removal terms (Q̇jloss, Q̇ploss and Q̇c) must be positive, illustrating the

significance of the ±0.3K uncertainty in the experimental temperature measurements.

Combining uncertainty, u, analysis of the physical measurements with the constraints of

the energy balance provides limiting conditions for the temperature drop along the jacket,

eq. (6), and the jacket duty, eq. (7), while heat accumulation in the process is negligible:

u(∆Tj) =
√

u(Tj1)2 + u(Tj2)2

Q̇ploss + Q̇c

(Ṁcp)j
≤ ∆Tj < ∆Tj + u(∆Tj)

(6)

u(Q̇j)

Q̇j

=

√

√

√

√

(

u(Ṁj)

Ṁj

)2

+

(

u(∆Tj)

∆Tj

)2

Q̇ploss + Q̇c ≤ −Q̇j < −Q̇j + u(Q̇j)

(7)

For an OHTCA for process-losses of (UA)ploss = 3.5WK−1, and an average condenser

duty of around 0.02 kW, the jacket duty at the end of the experiment must lay within the

bounds of 0.09 ≤ −Q̇j(t → ∞) < 0.21 kW. The two limits correspond to the cases of zero

and maximum jacket-side thermal losses, and so the jacket-side thermal losses cannot exceed

the breadth of this range, Q̇jloss ≤ 0.12 kW. This upper-limit corresponds to a jacket-loss

OHTCA of (UA)jloss ≤ 5.9WK−1, which indicates that the worst case for jacket-losses lies
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between the scenarios modeled in cases 3 and 4.

Figure 5c, presents the temperature drop along the jacket and the jacket duty profiles

for the experimental data and the five modeling scenarios. Cases 2-5 broadly model the

correct shape of the jacket duty profile, but to various extents under-predict the maximum

heating duty and appear to over-predict the jacket duty towards the end of the experiment.

Increasing the jacket-loss OHTCA has the greatest impact towards the end of the experiment

when accumulation in the process is negligible and thermal losses are at their maximum.

Consequently, increasing the jacket thermal loss OHTCA has a relatively minor impact on

the peak jacket duty but manifests in a gross over-estimation of the jacket duty towards the

latter stages of the experiment.

Assuming the maximum possible thermal losses from the outer jacket wall, correspond-

ing to (UA)jloss = 5.9WK−1, the model still under-predicts the maximum jacket duty by

around 35%. Since the maximum jacket duty is under-predicted even with the maximum

plausible thermal losses from the jacket, the heat transfer in the opposite direction, across

the process-side wall, Q̇j−p, must be under-estimated, possibly indicating that the thermal

mass contribution of the reactor and its contents,
∑N

n=1 (Mcp)n, is greater than anticipated

(i.e. Φ ≫ 1).

4.3 Influence of thermal inertia

The assumed total thermal mass of the reactor system of 175 kJK−1, employed by cases 1-5,

includes the mass and specific heat product of (1) the process fluid, (2), the wetted portion

of the reactor vessel (below the process fluid meniscus), and (3) the submerged portion of the

plastic impeller. Since water has a large specific heat capacity, the process fluid contributes

the bulk of the thermal mass, but the thermal contribution of the wetted vessel and inserts

are by no means negligible, with the estimated Phi-factor rising from 1.08 at 40 L scale to

1.20 at 0.5L scale. In general, the thermal contribution of the reactor walls will increase

with a reduction in process scale.18,22 However, heat will accumulate in the entire reactor
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system, including the unwetted portion of the vessel and the condenser and the temperature

rise in the vessel will not be homogeneous, introducing uncertainty in the proportion of the

total reactor mass contributing to the thermal inertia. This uncertainty is often avoided by

assuming the thermal contribution of the reactor vessel to be negligible as compared with

the process fluid,15 however the prior modeling scenarios have demonstrated that this results

in an under-prediction in the magnitude of the jacket duty.

To illustrate the significance of the reactor thermal mass, case 6 considers a semi-adiabatic

reactor, experiencing no thermal losses from the outer jacket wall, but with the thermal

mass of the reactor and inserts increased by a factor of 1.5. Figure 5a demonstrates that

the evolution of process temperature can be accurately predicted for an elevated thermal

mass, providing that the OHTCAs are increased proportionately, since the rate of heat

accumulation in the process scales in proportion with the thermal mass. The increased energy

accumulation in the reactor system and energy lost from the process-side are shown for case 6

in Figure 5b. The condenser duty does not increase in this instance as it is estimated directly

from the experimental condenser inlet and outlet temperatures. An equivalent condenser

duty in each case is in fact realistic, since the amount of heat accumulation in the process

fluid is identical, the increased thermal inertial manifests only in greater heat storage within

the reactor vessel walls.

For each of cases 2-5, the OHTCA for heat transfer to the process is a factor of 25 greater

than that for the thermal losses from the process. Consequently, scaling up the two lumped

parameters proportionately will have a much greater influence on the jacket duty during

the heating regime, when the driving force for heat transfer to the process, Tj(x) − Tp, is

high, than at the steady state condition at the end of the experiment when this driving force

diminishes to near zero. Scaling up the OHTCAs in unison with the thermal mass therefore

has the desired effect of augmenting the magnitude of the jacket duty at its peak, without

greatly influencing the steady state jacket duty towards the end of the experiment, thereby

better reflecting the experimentally determined jacket duty profile in Figure 5c. Case 6 rep-
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resents the only scenario which predicts the jacket duty and the process temperature profiles

within their respective uncertainty limits. Thus, rather than substantial thermal losses from

the outer jacket wall, the data imply substantial heat retention by the vessel (equivalent to

≈ 60% of the heat stored by the process fluid) over the duration of experimentation, in ad-

dition to significant heat losses through the process lid. Analysis of the thermal jacket duty

therefore invites the question as to whether the thermal mass contribution of the reactor

components (Φ − 1)22 may be frequently under-estimated, particularly at laboratory and

pilot scales, and correspondingly whether the adiabatic assumption results in artificially low

estimates for OHTCs throughout the literature.

5 Conclusions

Process fluid temperatures within laboratory to pilot scale jacketed agitated batch reactors

(0.5, 5 and 40L) were observed to depart significantly from their set temperatures during

experimentation. The sluggish responsiveness of the thermoregulator feedback-control sys-

tem to changes in process temperature is largely explained by the thermal inertia associated

with the reactor vessel itself. Significantly enhanced reactor control, and protection against

thermal runaways, can be achieved through improved characterization of the thermal inertia

associated with the reactor vessel and its constituent parts as well as the thermal losses from

the system.

The proposed ODE model for heat accumulation in and dissipation from the process

identifies four key parameters (
∑N

n=1(Mcp)n, (UA)p, (UA)ploss and (UA)jloss) which dictate

the evolution of process temperature and the jacket duty. At each experimental scale an

accurate prediction of process temperature required that thermal losses from the process

be accounted for (i.e. (UA)ploss > 0), however the magnitude of thermal losses from the

process relative to heat accumulation in the process diminished with increased scale. Thermal

losses from the outer jacket wall were not observed to significantly impact the rate of heat
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accumulation in the process or the evolution of process temperature, due to the low residence

times of the thermal fluid in the jacket. However, thermal losses from the outer jacket wall

can appreciably increase the total jacket duty, and thus their characterisation is significant

for the sizing of external heat exchangers, or thermoregulators, and for estimating operation

utility costs.

Accurate prediction of the process temperature profile does not require a unique combi-

nation of heat transfer coefficients, but requires that the OHTCA for heat transfer to the

process, and thermal losses from the process, are scaled according to the estimated ther-

mal mass. Consequently, both the process temperature profile and the thermal jacket duty

should be considered for the characterization of heat transfer parameters. Closer observa-

tion of the jacket duty revealed that heat accumulation within the equipment, primarily the

reactor vessel walls, was significantly greater than anticipated. At 40L scale, only when the

Phi-factor, or the ratio of the total observed thermal mass of all equipment to that of the

process fluid, was increased to 1.61, could both the process temperature and the jacket duty

be predicted to within the uncertainty limits of the experimental measurements. Thus, heat

accumulation in the reactor vessel equated to ∼ 60% of heat accumulation in the process

fluid. This potentially represents a gross limitation of widely employed classical adiabatic

models, particularly at laboratory to pilot scale, since the adiabatic assumption would result

in an under-estimation of the peak jacket duty by an order of around 43% at 40L scale. Cor-

respondingly, this raises the potential for many OHTCs presented in the literature, derived

according to the adiabatic model assumptions, to be artificially low, and may potentially be

under-estimated by an order of around 50%.

Supporting Information

• Full derivation of the non-adiabatic model for jacketed batch reactors experiencing

thermal losses.
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